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The research work of this thesis is concemed with the local buckling 

behaviour and the post-local buckiing strength of perforated cold-formed steel (CFS) 

members subjected to axial compressive loading. 

Cold-formed steel sections are widely used nowadays as primary and 

secondary h i h g  members in low-nse steel buildings. Although CFS members are 

essentidy thin-walled hrning elements, with a major susceptibility to local buckling, 

these members maintain a considerable reserve of post-local buckling strength prior 

to yielding. The post-local buclcling strength of CFS mernbers is largely aEected by 

the sectional non-uniform material pro perties after the forming operation, the initial 

imperfections, the large deformation behaviour after buckling, and the possibility of 

having utility perforations in the plate components of the rnemben. 

A finite element-based analyticai model has been developed in this thesis to 

investigate the post-local buckling behaviour and the ultimate strength of non- 

perforated and perforated CFS compression members. A large defonnation 

degenerated shell finite element was used to model the surfiace of CFS sections. The 

kinematic formulation of the degenerated shell element was enhanced using the 

method of "assumed strain fields", to elirninate any locking problem of the elernent. 

Special consideration was given in the finite element model to the geometnc 
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imperfections and the loading technique of CFS compression members. 

Tende coupon tests and residual stress tests were perfonned on CFS channel 

sections, in order to determine the effects of the cold forrning operation on the 

distribution of the matenal properties across CFS sections. Based on the results of 

these tests, analyticai models for the stress-strain relationship, the yield strength 

distribution, and the residual stress distribution across CFS sections were developed 

and incorporated in the finite element model of CFS compression members. 

A series of CFS channel stub-column tests was performed to ver@ the 

deformation and ultirnate strength predictions of the proposed finite element model. 

The tests were also used to investigate the effects of perforations on the behaviour 

and load capacity of CFS members in compression. The finite element model was 

then used to assess the axial stress distribution and the effective design width of 

perforated plates of CFS compression members. This assessment was performed 

through a pararnetric study on the perforation and the plate parameters. 

Two effective design width equations for stifFened compression plates with 

square and elongated pefiorations were developed, based on the analysis of the finite 

element results. The ultimate load predictions of the two equations were compared 

to the stub-column test results of this thesis, and several other test results fiom the 

literature. The proposed equations proved to give accurate and safe predictions for 

the effective design width and the ultimate strength of perforated CFS compression 

rnembers. 
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CHAPTER 1 

INTRODUCTION 

1.1 General 

Cold-fonned steel (CFS) sections are widely used nowadays as primary and 

secondary fiarning members in low-rise steel buildings. The CFS sections are also 

widely used a s  open joists, floor decks, sandwich panels, and entrance structures for 

both low and hi&-nse buildings. The hcreasing use of CFS sections in building 

construction is due to their favoumble characteristics, such as high strength-to-weight 

ratio, high stiflhess-to-weight ratio, easy and fast erection, etc., over other traditional 

structural materials Wce rnasomy, timber, and concrete. Other than the applications 

of CFS sections in the area of buiiding construction, the use of these sections extends 

to other broader areas, such as the construction of grain bins, storage racks, 

transmission towers, drainage facilities, car bodies, etc. 

The two main forming methods which are fiequently used in manufachiring 

CFS sections, are the cold roil fonnlng and the press-brake forming. The cold roil 

forming is the widely used method for the mass production of individual structurai 

fiaming members, such as channe1 sections, 2-sections, angles, hat sections, and 

aibular members. The thickness of the steel sheets generaüy used in CFS structural 

members can be as low as 0.4 mm, and as high as 6.4 mm (Yu, 1991). Thus, CFS 
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memben are essentidy thin-walled members with moderate to very high width-to- 

t hickness ratios of their plate components. Therefore, the individual plate 

components of CFS members are susceptible to local buckling at low compressive7 

shear, bending, or bearhg stresses. However, due to the possibility of membrane 

action of the buckled plates, local buckling does not necessarily mean a failure of the 

CFS mernber, and a considerable reserve of post-local buckiing strength can be 

obtained prior to the initiation of yielding. In fact, the ultirnate strength of a CFS 

member can be many times higher than its local buckling strength. 

Perforations are often provided in the web and/or flange plates of beams and 

columns of CFS structural members, in order to faciiitate dua work, piphg, and 

bridging. Perforations are also usuaiiy provided in CFS storage racks for the purpose 

of easy assembly. These perforations may take difrent  shapes and dimensions, 

depending on theu purpose. 

1.2 Statement of the Problem 

The determination of the ultimate strength of non-penorated and perforated 

cold-formed steel (CFS) members in compression requires a correct evaluation of the 

post-local buckling strength of these members. To evaluate the post-local buckling 

strength correctly, the following phenornena have to be taken into consideration: 

[l] T- of Local Buclclinq: Local buckling of individual plate components of CFS 

compression members may take place elastically or inelastically, depending on the 
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material properties and the width-to-thickness ratio of the plate components. 

[2] Lame Defomiations: The behaviour of the CFS compression members in the post- 

local buckling range is associateci with large local deformations (laterd displacements 

and rotations) ofthe buckied plates. Secondary intemai forces and non-uniform stress 

distriions may result due to these large defonnations, even though the member is 

under uniformly applied loads. 

[3] Initial Im~erfections: The defonnation behaviour of CFS compression members 

in the pre and post-local buckling ranges is sensitive to the initial out-of-plane 

deformations (initial imperfections) of the plate components of the members. 

[4] Variations of Mechanicd Pro~erties: The nonunifomity of the cold work apptied 

to CFS sections duMg the cold forming operation alters the material properties of the 

virgin steel sheet. This alteration results in different mechanical properties (yteld 

strength and ultimate strength) across the section, and a nonlineu stress-strain 

relationship of the CFS material. 

[SI Residual Stresses: The restrictions of the shape and length of the CFS section, 

der its release fiom the cold forming machine, results in the generation of significant 

longitudinal and transverse residual stresses within the section. 

[6] Perforations: Since the use of perforation reinforcement is impractical in thin- 

wded steel construction, the existence of the perforations in the plate components 

of CFS members changes the boundary conditions of these plates, and 

consequently affects their individual ultimate strengths, and the overall ultimate 



strength of the member. 

The above mentioned phenomena give a stmng indication that the behaviour 

of CFS members in the post-local buckiing range is an interaction of a large 

defonnation behaviour and an elasto-plastic nonlinear material behaviour. 

Furthemore, the existence of initiai impedeaions, non-unifom material properties, 

residuai stresses, and perforations causes the problem to be rather complicated for a 

direct theoreticai formulation and analysis of such members. Therefore, one of the 

prirnary goals of this thesis is to establish an appropriate nonlinear formulation and an 

analysis technique for the behaviour of non-perforated and perforated CFS members 

in compression using the finite element method. The geometry, and the membrane 

and bending force representation, of sheU finite elements are quite suitable to the 

geometry and the behaviour of CFS members. In fact, a noniinear finite element 

formulation using sheil elernents is perhaps the only analytical tool that may handle 

such a complex problem in an efficient way. 

1.3 Design Approaches for Cold-Formed Steel Members in Compression 

Cold-formed steel (CFS) members in compression may fail in an overall 

buckiing mode of the entire member, a local buckling mode of the individual plate 

components of the cross section, or a combination of the overd and local buckling 

modes. The design approaches used for CFS members to resist the overall buckling 

mode are similar to the approaches used for members made of hot-rolled steel 
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sections. However, in the local buckling design of CFS members, the slenderness 

ratios (width-to-thickness ratios) of the plate components of the section are first 

checked for possible local buckling. If the slenderness ratio of a plate component is 

less than the critical slenderness ratio, the plate component WU not buckle, and cm 

be considered fuliy effective. However, if the slendemess ratio is higher than the 

critical slendemess ratio, the plate component may locally buckle, and should be 

considered partially effective. The post-local buckling strength of such plate can be 

determined using an effective width concept, as will be explahed in section 1.3.2. 

The effdve area of the entire CFS d o n  in the post-local buckling range can, then, 

be evaluated as the sumrnation of the effective widths of the individual plate and 

corner components of the section, multiplied by the sectional unifonn thickness. 

1.3.1 Local Buckling and Post-Local BucWing Strength of Plates 

The elastic local buckling stress (Fm) of a flat plate cornponent under uniform 

compression (Figure 1.1) cm be determined as follows, based on the solution of the 

smaîi deflection differential equation of the plate: 

t 
where (w/t) is the width-to-thickness ratio of the plate, (E) is the mdulus of 

elasticity, and (v) is the Poisson's ratio. The buckling coefficient (k) is considered 

to 4.0 for a plate simply supported on both unloaded edges (stiffened plate), and 
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equal to 0.425 for a plate simply supported on one unloaded edge and free supported 

on the other edge (unstsened plate) (Yu, 1991). Hence, by assuming that the local 

buckling stress (Fm) of a stiffened steel plate v 4 . 3 )  is equal to the yield stress 

(FJ, a slenderness ratio limit (w/tX, can be evaluated from Equation 1.1 as foliows: 

Equation 1.2 means that ifthe (w/t) ratio ofthe plate is less than (w/t2, then yielding 

of the plate wiil occur prior to local buckling. However, if the (w/t) ratio of the plate 

is larger than (w/t), then local buckling of the plate will occur before reaching the 

yield stress. 

The post-local buckling strength of compression plates is obtained due to the 

membrane action, and the redistribution of compressive stresses across the plate 

d o n  &er buckling, as shown in Figure 1.2(a). The stifTened edges of the plate will 

continue to resist more compressive loads until the stress at the edges reaches the 

yield point of the matenal, then the plate will begin to fail. 

1.3.2 Effective Width Concept 

The concept of "Effective Width" was first introduced by von Karman, et al. 

(1932). In this concept, the post-local buckling non-uniform stress distribution over 

the width of a stiffened compression plate is replaced by a uniform stress distribution, 
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equal to the plate edge stress (FA, over a fictitious effective width (b) as show in 

Figure 1.2(b). The effective width (b) is calculated so that the area under the curve 

of the a d  non-uniform stress distribution is equal to the sum of the two equivalent 

fictitious areas, with a total width (b) and a uniform edge stress (Fa, i.e. : 

Therefore, according to the effective width concept, the central part of the plate is 

considered ineffective, and the two parts dong the stiffened edges of the plate are 

considered hlly effective. If the Uiitiation of yielding at the edges of the stiffened 

plate is taken as the ultimate state, then the effective width @) can be taken as the 

particular width of the plate which buckles just at yielding of the plate edges. Hence, 

the effective width @) can be evaluated using the concept of Equation 1.2, by 

replacing the flat width (w) by the effective width @), as fouows: 

The extensive experimental investigation camed out by Winter (1947) on 

light-gage cold-formed steel sections led to a generalized empirical formula, to 

Equation 1.4 of von Karman, for the effective width @) of stiffened compression 

plates at any stress level below yielding. The formula proposed by Winter (1947) is: 



Equation 1.5 was later modified, based on an accumulated experience fkom the tests 

of Wmter (1970) duMg the period fkom 1946 to 1968, as follows: 

Aiso, Equation 1.6 was further simplified by Roorda and Venkataramaiah (1979), 

based on their statistical analysis of the available experimental tests, to take the 

foiiowing form: 

7 7 

1.3.3 Effective Design Width Provisions of Different Standards 

The cornent Canadian Standard for the design of cold-fomed steel (CFS) 

members is the S 136-94 "Cold-Fonned Steel Structural Memben" (CS4 1994). In 

this Standard, the procedure for caiculating the effective design width @) for the 

strength determination of a plate elernent under uniform compression is given as 

follow s: 



b = w  k E for (w/t) < ( ~ / t ) ~  = 0.644 

In other words the effective design width @) can be considered equal to the width 

of the plate (w) if the slendemess ratio of the plate (w/t) is less than a iimiting 

slendemess value (w/tlh. Othenvise, the effective design width (ô) should be less 

than (w) and can be calculated according to Equation 1.9, based on the maximum 

stress at the edge of the plate (Fa. In fact, Equation 1.9 is the sarne as Winter's 

quaiion (Equation 1.6), with a generabtion of the longitudinal edge conditions of 

the plate where the buckhg coefficient (k) is expressed as a variable. However, the 

(w/tIh of the Standard is less than the theoretical slendemess limit, as given in 

Equation 1.2. The Standard recommends using (k) equal to 4.0 for stiffened plate 

elements on each edge by a web or a flange, and equal to 0.43 for unstiffened plate 

elements. The Standard also gives a procedure to calculate (k) for plate elements 

stiffened on one edge by a web or a flange and on the other edge by an edge stiffener 

(Clause 5.6.2.3 of the Standard), depending on the moment of inertia of the stiffener. 

A new 1996 Arnerican Specification for the design of CFS members, 

"Specification for the Design of Cold-Formed Steel Stnicniral Members", was in the 
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p ~ t i n g  process during the time of writing this thesis. However, the reference of the 

new Specification for the effective design width provisions is the Arnerican 

Specification "Load and Resistance Factor Design Specification 0) for Cold- 

Formed Steel Structural Members" (AISI, 1991). In the LRFD Specification, a 

different format ofEquations 1.8 and 1.9 is given for cdculating the effective design 

width (b) for the strength determination of a plate element under unifom 

compression. The LRFD format States that: 

b = w for L r 0.673 

b = p w  for A > 0.673 

where 

The assumptions for the buckiing coefficient (k) in the Amencan LRFD S pecification 

is similar to that of the Canadian Standard (CS4 1994). 

The Japanese Specification for the design of CFS members is the 

"Recomrnendations for the Design and Fabrication of Light Weight Steel Stmctures" 

(AU, 1985). In this Specification, the effective design width @) of a plate element 

under uniform compression is independent of the slendemess ratio (wk) of the plate, 
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and is calculated using a procedure similar to Equation 1.4 with a constant of 1.64 

instead of 1.9. However, the Australian and the European Specifications give 

effective design width procedures similar to that of the Canadian and the Amencan 

design documents (Yu, 199 1). 

1.4 Review of Literature 

In this section, the previous research pertaining to some of the topics 

discussed in this thesiq narnely; [a] sheii finite elements, b] material properties of 

cold-fonned steel (CFS) sections, and [cl testing and analysis of perforated CFS 

members in compression, is being reviewed 

1.4.1 Shell Finite Elements 

Since this study involves a noniinear finite element analysis using shell finite 

elements to solve the problem of non-perforated and perforated cold-formed steel 

(CFS) mernbers in compression, this section gives a bnef discussion on the 

development of sheli finite elements. 

A considerable number of papers devoted to literature surveys on shell nnite 

elernents have been published in the technical joumals concemed with the numerical 

anaiysis techniques. For example, recent papers by Gilewski and Radwanska (199 l), 

and Mackerle (1993) list the publications on moderately thick and thin shell finite 

elements. Also, Kanok-Nukulchai and Ma (1993) presented an excellent review of 
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displacement-based degenerated shell elements. Shell nnite elements have been 

developed in the fheworks of displacement, mixed, hybiid stress, and hybrid-mixed 

methods. However, the displacement-based finite elements are stili the most practical, 

simple and appealing to practicing engineers. The sheU elements may be formulated 

based on a 3-D continuum approach, or based on classical shell theory. However, 

these elements will not be versatile, since they are tied to a special shell theory, and 

thus could be applicable to a special class of sheiI problerns oniy. Recently, preference 

has been devoted to develop degenerated shell elements. In these elements, fidy 

three-dimensional stress and strain conditions are degenerated to general shell 

behaviour. This approach has the advantage of being independent of any shell theory, 

and thus is applicable to very thin, and moderately thick shell structures. 

Degenerated sheii finite elements were tirst introduced through the 9-node 

element of Ahmad, et ai. (1970). The element was based on independent quadratic 

interpolations for the displacement and the rotational degrees of fieedom. This 

degenerated shell element has been used extensively by many researchers since 1970. 

The element was aiso used in conjunction with several numerical integration schemes, 

such as the reduced integration scheme (Zienkiewicz, et al., 1971) and the selective 

integration scheme (Hughes, et al., 1978), to evaluate the terms of the element 

&es matrk. Degenerated sheii elements with additional displacement modes were 

later developed, as the semi-loof element of Irons (1976), to increase the element 

capabiüity in representing the bending modes. Moreover, shell elements applying the 
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Discrete Kirchhoff theoiy, as the triangular plate and shell elements of Batoz and 

Lardeur (1989), and shell elements applying modified strain expressions, as the sheU 

element of Huang and Hinton (1986), were developed to achieve the condition of 

zero transverse shear strain energy in thin shells. A large defonnation consistent 

triangular shell element was recently developed by Koziey (1993) and El Damatty 

(1 99 5). The element has 13 nodes, cubic displacernent interpolation, and speciai 

rotational degrees of fieedom to obtain a quadratic variation of the transverse shear 

stresses through the thicbiess of the shell. 

1.4.2 Material Properties o f  Cold-Formed Steel Sections 

The deformations, which occur in cold-formed steel (CFS) sections during 

their manufacturing operation f?om steel sheets, induce substantial changes in the 

characteristics of the CFS materiai. These changes are usually associated with 

variations in the mechanical properties, and generation of residual stresses across the 

CFS sections. Since the material in the rounded corner areas of the sections is cold- 

worked to a considerably higher degree than the material in the flat areas, significant 

variations in the mechanical properties and the signifiant residuai stresses are 

nomaiiy found at and around the corner areas. 

1.4.2.1 Variations of  Mechanical Propertiu 

Chajes, et ai. (1963) investigated the effects of various amount of uniform cold 
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stretching on the stress-strain behaviour of mild carbon structural steel sheets. Tensile 

and compressive tests of the cold stretched matenal were perfonned in the direction 

of the initiai stretching and transverse to it. It was found that the main causes of the 

changes of the mechanicd properties due to the cold work are the strain hardening 

and the strain aging phenomena of the steel material. These two phenomena are 

explained in Figure 1.3. The changes in the mechanical properties were also found 

to depend on the type of steel, and the type and direction ofthe applied stress. Karren 

and Wmter (1967) and Karren (1967) perforrned tensile and compressive coupon tests 

on CFS sections made from different carbon structural steels. A part of the tested 

sections was formed using the roll forming operation, and the other part was formed 

using the press-brake operation. It was found that the yield strength and the ultimate 

strength of the comers of the CFS sections are considerably higher than that of the 

virgin steel sheets before fonning. The stress-strain curves of the rounded comers 

were found to have gradud yielding and significant reduction in the total elongation. 

The method of fonning of the sections was noticed to have some effects on the results 

of the coupon tests, specially for the coupons taken fiom the flat areas of the sections. 

Similar tensile coupon tests were performed by Coetsee, et al. (1 990) on press-brake 

fonned stainless steel channel sections. The response of the stainless steel material 

to the cold fonning operation was found to be similar to that of the carbon structural 

steel matend. 

Karren (1967) developed a semi-empirical mode1 to predict the percentage 



15 

increase in the rounded corner yield strength due to the f o d n g  operation. The 

model suggested that the increase in the yield strength would depend on the ratio 

between the ultimate strength and the yield strength of the virgin steel sheet, and on 

the inside bending radius-to-thickness ratio of the comer. This approach is currently 

being used in the Arnerican LRFD Specincation (AISI, 1991). Lind and Schroff 

(1 975) presented another model to evaluate the corner yield strength of CFS sections. 

Their rnodel assumed a linear hardening relationship of the materiai in the margin 

between the yield strength and the ultimate strength, and the hardening constant was 

detennined empirically corn the tests of Karren (1967). The final form of the rnodel 

concluded that the 90" comer yield strength of a CFS section could be evaluated by 

replacing the Wgin yield strength by the virgin ultimate strength over an arc length 

of the comer of five times the thickness. For other corner angles, the arc length 

should be increased proportionally. The approach of Lind and Schroff (1975) is 

currently being used in the Canadian S136-94 Standard (CS& 1994). 

1.4.2.2 Residual Stresses 

Alexander (1959) and Korol(1971) presented a progressive theoretical model 

for the distributions of residual stresses, which result fiom the operation of cold- 

bending a wide sheet to a cwed profle. An ideally elasto-plastic material behaviour, 

involving both von Mises and Tresca yield criteria, was assumed in the theoretical 

model to evaluate the bending stresses, the spring-back stresses, and the net residual 
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stresses at the curved elements. Figure 1.4(a) shows the two dimensional state of 

stress of a curved element following the s p ~ g  baclg where the path A'B'ûCû' 

represents the residual stress state (Korol, 1971). Figure 14b) shows the resulting 

distributions of t he transverse and longitudinal residual stresses. Inparsson (1 979) 

carrieci out an experirnental and analyticd study to investigate the residual stresses at 

the rounded comer parts of CFS sections. The study indicated that the magnitudes 

ofthe transverse and longitudinal corner residual stresses in CFS sections depended 

on the extemal circumstances during the active cold forrning. The study also 

indicated that the existence of residual stresses in CFS sections explains the geometric 

imperfections usually found in these sections, such as the twisting of 2-shaped 

sections. 

Weng and Pekoz (1990) performed an experirnental residual stress 

investigation on CFS channel sections with dEerent thicknesses. Longitudinal 

residual stresses were investigated at both the rounded corner parts and flat parts of 

the sections. Two cutting methods were used to release the residual strains; the saw 

cutthg methoci, and the elearical discharge machining rnethod. The results indicated 

that tensile residual stresses exist on the outside surfaces of CFS sections, and 

compressive residual stresses exist on the inside surfaces of the sections. Uniform 

magnitudes of residual stresses were recorded at the fiat areas of the sections, while 

higher magnitudes of residual stresses were recorded at the rounded corners. This 

distribution of longitudinal residual stresses was consistent for ali the tested CFS 
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sections. Roy, et al. (1 994) performed similar residuai stress study on CFS angle and 

charnel sections. The study was performed through two non-destructive testing 

methods (the X-ray difitaction method and the Magnetic Barkhausen noise rnethod), 

and two destructive cutting methods (the hole drilling method and the saw cutting 

method). However, the presented results of this study gave ody the measured 

residual stresses at the corners of the CFS sections, without much detail about the 

distribution of the stresses across the sections. 

1.4.3 Local BucWing of Perforated Cold-Fonned Steel Compression Members 

The local buckling behaviour of perforated Cold-formed steel (CFS) members 

subjected to axial, bending, bearing, and combination loads was studied by many 

researchers in the past. Some of the recent studies dealing with the effects of 

perforations on the flexural strength of CFS members were aven by Yu and Davis 

(1973), Schuster (1992), and Shan, et al. (1994). Also, recent studies dealing with 

the effeas of penorations on the web crippüng strength of CFS members were given 

by Yu and Davis (1973). Sivakumaran and Zielonka (1989), and Langan, et al. 

(1994). However, since this study is concemed with the post-local buckling strength 

of perforated CFS compression members, this section gives an overview on the 

previous experimental and analytical studies performed on perforated CFS rnembers 

subjected to axial compression loading. The section also gives an overview on the 

available effective design width procedures for perforated compression plates. 
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1.4.3.1 Experimental and Anaiyticai Studies 

The experimental investigation carried out by Yu and Davis (1973) is 

considered to be one of the first investigations which studied CFS members with 

perforated elements. Local and post-local buckhg strengths were investigated for 

both Mened and unstiffened perforated sections. A series of experimental tests on 

doubly symmetnc sections were performed to study the effécts of the perforation 

parameters on the dtimate rtrength of the seciions. Ortiz-Colberg (198 1) perfionned 

an experimental study on the axial capacity of CFS w1urrms with circular perforations. 

The study aimed at developing an empirical effective design width equation for 

perforated web plates of CFS compression rnembers. Loov (1984) studied 

experimentdy the post-local buckling capacity of channel CFS stub-columns with 

rectangular web perforations. Merent cross sections were considered, but with fixed 

dimensions of the perforation. 

Banwait (1987) and Sivakumaran (1987a) presented an experimental 

investigation, which studied the local buckling and post-local buckling behaviour of 

axially loaded CFS channel sections. DEerent sues and shapes of the pefloration 

were considered. Sivahmaran (1987b) performed a nonhear finite element analysis 

to study the local and post-local buckling behaviour of axially loaded perforated CFS 

members. The finite element model consisted of a four-node isopararnetric sheil 

element, and a multi-linear elasto-plastic stress-strain relationship. The model showed 

good ultimate strength results, but higher stifniess, when compared to the 
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experimental results. The effects of initial imperfections, residual stresses, and 

variations of the mechanical properties of the materid across the CFS sections were 

not taken into consideration. Miller and Pekoz (1994) pediormed an experimental and 

analytical study to investigate the local buckling behaviour of charme1 CFS stub- 

columns with rectangular web penorations. The post-local buckling strength of the 

stub-columns was determined, and compared to two difEerent design approaches to 

calculate the resulting ultimate loads. 

Rhodes and Schneider (1994). and Rhodes and Macdonald (1996), perfomed 

an experimental investigation on the effects of multiple circular and elongated 

perforations on the ultimate compression strength of CFS channel sections. The 

multiple perforations were located transversally at the same cross section of the web 

and flange plates, and in the longitudina direction ofthe tested compression rnembers. 

A main observation fkom these tests was that the area of the compression member 

between the multiple perforations tended to buckle individuaily in a column fashion. 

The ultimate load resuits of the tests were cornpared to the results of different design 

approaches, in order to find a suitable design procedure for such CFS members with 

multiple perforations. 

1.4.3.2 Current Effective Design Width Procedures of Perforated Plates 

For perforated stEened plates, Yu and Davis (1973) proposed a design 

approach to predict the effeaive design width of perforated plates with either central 
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circular or square perforation. They assumed that the buckling behaviour of a 

perforateci plate is similar to that of a non-pediorated plate up to a certain limit of the 

perforation width-to-plate width ratio (a/w). Above this limit, the perforated plate 

can be treated as two separate, but identical, unstsened compression plates. Based 

on this assumption, 

proposed: 

an effective design width equation of the following fom was 

For a circular perforation, the constants (A) and (B) are 0.226 and 0.0379, 

respeaively and the equation was Limiteci for a perforation of (dw) ratio less than 0.7. 

However for a square perforation, the constants (A) and (I3) are 0.3 16 and 0.053, 

respectively and the equation was lirnited for a Woration of (alw) ratio less than 0.5. 

The effective design width for plates with perforation above these (afw) ratio lirnits 

was to be determined assuming two separate unstifEened plates on both sides of the 

perforation. 

Banwait (1987) presented a design equation for plates with both circular and 

square perforation. The equation was based on his experirnental study on cold- 

forrned steel (CFS) sections with (wh) ratios of 5 1.5 and 112.4 for the perforated web 

plate. The equation States that: 



where (bd is the effective design width of the correspondhg non-perforated plate, 

obtained according to Equations 1.8 and 1.9. 

Miller and Pekoz (1 994) presented a simplifieci approach for the treatment of 

perforated plates with any shape of perforation. The approach consists of 

If(w-bd>(a), then b =  b, 

If(w-b,,,,) s (a), then b = w-a 

In other words, if the perforation does not extend into the effective portion of the 

plate (calculated by ignoring the perforation), then it does not affect the effective 

design width. However, ifthe perforation extends into the effective portion, then the 

effective design width can be obtained by deducting the perforation width from the 

total plate width. 

The design procedure given in the Amencan LRFD Spdcation (AISI, 199 1) 

for s t i h e d  plates with circular perforations is based on the results of the 

experimentai study of Ortiz-Colberg (1981). The procedure (in the format of 

Equations 1.8 and 1.9) can be expressed as follows: 



This design procedure is only applicable for stiffened compression plates with 

slendemess ratio (w/t) not greater than 70, and having a circular perforation with a 

diarneter less than haif the width of the plate. 

The design procedure given in the Canadian S 136-94 Standard (CS4 1994) 

for perforated wall stud assemblies is based on the experimental study ofMiller and 

Pekoz (1 994). The procedure states that the effective design width @) of perforated 

webs ofwaii studs cm be calculated assuming the web to consist of two unstiffened 

elements, one on each side of the perforation. This sirnplified design procedure has 

some limitations, including the perforation width not to exceed haif the depth of the 

section or 65 mm, and the perforation length not to exceed 1 15 mm. The procedure 

is also not applicable for single memben in compression (Clause 6.6 of the Standard). 

1.5 Objectives and Scope 

The current study was motivated by the need for an appropriate analytical 

technique, which cm be used to predict the behaviour and the post-buckling strength 



of cold-forrned steel (CFS) members in compression. 

1.5.1 Objectives 

The objectives of the current study are as follows: 

[l] Development of a sheil finite element to model the large deformation and the 

elasto-plastic behaviour of thin and moderately thick shell structures, as cold-formed 

steel (CFS) members. 

[2] Expenrnental evaluation of the typical material properties of CFS sections. 

[3] Development of a finite element model suitable for the analysis of CFS 

compression members 

[4] Verification of the developed finite element model with experimental tests of CFS 

stub-columns. 

[5] Petforming a finite element investigation to study the effects of perforation 

parameters on the behaviour and ultimate strength of CFS compression members. 

[6] Establishing suitable design equations for perforated CFS compression members. 

1.5.2 Scope of  Research 

The scope and organiration of the research achieved in this thesis are 

presented as follows: 

Cha~ter One: An introduction and review of previous research related to the 

study topics are presented. 
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Cha~ter TWQ: The nonlinear formulation of a basic degenerated sheli finite 

element is presented. This formulation is modified using the "assumed strain fields" 

method to eiiminate the locking problems associated with the basic element. The 

"assumed strain fields" method is extended to the large deformation formulation of 

the shell element. 

Chapter Three: The experimental evaiuation of the material properties of cold- 

formed steel (CFS) sections is presented, through two senes of tests on the 

mechanicd properties, and the residual stresses across CFS sections. Analytical 

models for the stress-strain relationship of the CFS material, the variation of the yield 

strength, and the distribution of residual stresses are developed. 

Chapter Four: A finite element analysis model for CFS members in 

compression is presented. The model is verified with a series of experimental tests on 

non-perforated and perforated CFS stub-colurnns. The effkcts of perforations on CFS 

mernben in compression are discussed based on the results of the experimental tests. 

Chapter Five: An investigation on the effects of different perforation 

parameters on the axial stress distributions and the effective design widths of 

perforated elements is presented. Two pro posed effective design widt h equations for 

CFS structural elements with square and elongated perforations are also presented 

and discussed. 

Cha~ter Six: The conclusions and the recomrnendations of the study are 

presented. 
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Figure 1.1 Local buckling of stEened compression plates (Yu, 199 1) 



Figure 1.2(a) Stages of stress redistribution in stinened compression plates 
(Yu, 1991) 

Figure 1.2(') Effective width of stiffened compression plates 
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Figure 1.3 Effects of strain hardening and strain aghg phenornena 
on the stress-strain relationship (Chajes, et al., 1963) 
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Figure 1.4(a) State of stress of a wide plate in cold-bending (Korol, 197 1) 
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Figure 1.4(b) Residuai stresses resulting from cold-bending 



CHAP'IER 2 

NONLINEAR "ASSUMED STRAIN" SHELL FINITE ELEMENT 

2.1 Introduction 

Degenerated isopararnetric sheU finite elements, based on independent 

interpolations for the translational and rotational degrees of fieedom, were first 

introduced by Ahmad, et al. (1970). The degenerated sheU elements had the 

advantage of being independent of any sheU theory, therefore they were suitable for 

modelling both thin and moderately thick sheii structures. However, with the 

increased use of the degenerated shell elements, some problems associated with the 

analysis of thin shells, and the use of reduced or selective numencal integration 

schemes, were discovered. These problems are the "transverse shear and membrane 

locking", and the "spurious zero energy modes", (Parisch, 1979, and Koziey, 1993). 

A Pnode degenerated isopararnetric shell h i t e  element was considered in the 

current study to represent the body of the cold-formed steel (CFS) members. The 

first part of this chapter briefly presents the basic large deformation formulation, and 

the elasto-plastic material formulation, of the nonlinear degenerated 9-node shell finite 

elernent. The large deformation formulation was based on the Total Lagrangian 

formulation, while the elasto-plastic material formulation consisted of a multi-linear 

isotropie strain hardening model, based on the Huber-von Mises yield criterion. The 

29 
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basic 9-node shell element was extracted fkom the finite element program INDAP 

(INDAP, 1987), and inserted as a library element in the finite element program 

XFEAP (XFEAP, 1990). This change was necessary since only the program XFEAP 

had the advantage ofproMdKig several control techniques, that were most suitable for 

the incremental nodiear analysis of CFS memben under consideration. 

As CFS members are essentidy thin-walled members, the kinematic 

formulation of the basic 9-nde degenefated sheii element was enhanced in the second 

part of this chapter, by using the method of "assumed strain fields" (Huang and 

Hinton, 1989, in order to eliminate the tocking problems associated with the analysis 

of thin structures. The irnplementation of the "assumed strain fields" method was 

extended in this sîudy, to cover the large deformation formulation of the 9-node 

degenerated sheU elernent. 

The third part of this chapter presents a set of bench mark problems to 

investigate the efficiency and accuracy of the new 9-node "assumed strain" shell 

element. The bench mark problems cover the large deformation behaviour and the 

elasto-plastic behaviour for a wide range of very thin to moderately thick plate and 

shell stmctures. 

2.2 Nonlinear Formulation o f  the Degenerated Shell Finite Element 

The basic 9-node degenerated sheli finte element applies the Reissner-Mindlin 

theory (Mindliin, 1951). where normds to the Md-surface of the shell before 
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deformation are assumed to remain straight, but not necessariiy normal to the mid- 

surface after deformation. The stress component nomai to the mid-surface of the 

elernent is considered qua1 to zero, and the strain energy associateci with this normai 

stress is neglected. 

2.2.1 Coordinate Systems and Element Geometry 

Three wordinate systems are used in the formulation of the degenerated shell 

f i t e  element. These systems are deiined as follows: 

(i) Global Cartesian Coordinate S~stem (x, y, 2): which is used to define the nodal 

coordinates and displacements of the element. 

(ii) Natural Coordinate Svstem ( e ,  q, C): The mid-surface of the shell element and 

its interpolation hctions are defined in tams of the ( 6 )  and (q) coordinates. The (C) 

direction is normai to the shelî mid-surfàce in the thickness direction. This coordinate 

system is d e d  naturd s i i  aii the coordinates (E , q , and C) Vary fiom (- 1) t O (+ 1). 

(iii) Local Cartesian Coordinate Svstem (x', y', z'): which is used to define local 

strains and stresses at any point within the sheli element. The (z') direction is 

considered to be normal to the surface (C) = constant, and (x' and y') directions are 

tangent to that surface. 

The degenerated shell finite element has nine mid-surface nodal points as 

shown in Figure 2.1. Each noda point (k) of the element has five degrees of eeedom; 

thre translational displacements (u ', v ', and w 9 defined dong the global directions, 
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and two rotations (a and p 9 around the mid-dace axes (local coordinate system). 

The global Cartesian coordinates (d of any point of the element can be uniquely 

given in ternis of the nodal coordinates (a and the element thickness at the nodes 

(t 3 as f0Uows: 

where, N ((tq) are the interpolation functions at the node k, which are given in 

Appendix A The vector (V,? is the vector of the direction cosines (with respect to 

the global coordinates) of the unit vector normal to the sheU mid-surface in the 

thickness direction at the node k, 

2.2.2 Displacement Field 

The displacements of any point (4 in the shell finite element are defined by 

quadratic interpolation functions of the three Cartesian components of the nodal 

displacements (ui 9, and the two rotations of the nodal vector (V* ') about the two 

orthogonal directions (Vt and V a  norrnai to it. The definition of (Y) can be wrîtten 

as follows: 
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The change in the n o d  vector ( 6 ~ 3  cm be expressed in tems of the unit vecton 

(V,L) (V,X that are orthogonal to (Vai9, and the smali rotations (a') and (P*) of 

the normal vector about (v,~? and (Va'), respectively, as foiiows: 

Equation 2.2 can, then, be rewritten in a compact fonn as follows: 

where the matrix Gk ([,q,C) includes the tems of N '(f ,q) in the (&q) nid-surface, 

and the additional t e m  related to the unit vectors (V,: and VA in the (C) direction. 

The vector (d L) is the degrees of fieedom vector at the node k. 

2.2.3 Total Lagrangian Formulation 

The Total Lagrangian formulation has been considered in the current large 

deformation analysis. In this formulation, d the m e n t  static and kinematic variables 

(at timeT) are referred to the initial configuration before deformation (at time T = 0) 

as show in Figure 2.2. The Total Lagrangian formulation includes al1 kinematic 

nonlinear effects due to large displacements and rotations, but small strains. 
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2.2,3,1 Strain and Stress Tenson 

The strain and stress tenson incorporated with the Total Lagrandan 

formulation, as presented by Bathe (1982), are the Green-Lagrange strain tensor (eii) 

and the Second Piola-Kirchhoff stress tensor (Si,). The two tensors, relevant to the 

sheil andysis, are of the form: 

The Green-Lagrange strain tensor (CQ is dehed as: 

aui 
in which (uü -) is the denvative of the iO component of the displacement with 

axj 

respect to the j' coordinate of the initial undefonned configuration. 

The Second Piola-Kirchhoff stress tensor (Si i )  is related to the Green- 

Lagrange strain tensor, through the material property tensor (Ci r ,), as f~llows: 

The GreenLagrange strain tensor and the Second Piola-Kirchho ff stress 
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tensor have the advantage of being invarant under ngid body defomations. The two 

tensors are also conjugate fiom the energy point of view, which means that the 

integration of their product over a specified undeformed volume gives the strain 

energy of this volume. Furthet information about the properties of these two tensors 

is given by Bathe (1982). 

2.2.3.2 Virtuai Work and Finite Element Equations 

The equilibrium condition in the finite elernent analysis is introduced by means 

of the v h a l  work equation. The Total Lagragian formulation, referred to the 

undeformed configuration (time T=O), results in a virtual work equation with the 

incremental terms as foilows: 

(2.8) 

where ( = I w )  is the extemal incrementai Wtual work at the current time (T). The 

tensor LAeii) is the incremental Green-Lagrange strain tensor, which can be divided 

into a linear part (oA % 3, and an initial displacement part (oA ei as follows: 

o A e i j = o A e o i j + o A e i j =  +,Aujmi)+ o A % + û A k i  0%) 

(2.9) 

and (',Si j) is the Second Piola-Kirchhoff stress at time (T) referred to the initial 
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configuration. The incremental stress tensor (,,A SiJ is expressed as: 

The nonlinear incremental strain (,,Aqi J, which is not included in the (,dei J 

expression, can be expressed as: 

By substituting the expressions of Equations 2.9 to 2.11 into Equation 2.8, 

and by reaüzing that the Wtuai displacements (6 Au) are arbitrary displacernents, the 

incremental virtual work equation c m  be written in a matrix form as foliows: 

The (T) syrnbol on the top-lefi position of a variable indicates the current time step, 

whiie the (T) symbol on the topright position of a variable indicates the transpose of 

the variable. The matrix pq] represents the elasto-plastic stress-strain relationship, 

and wül be evduated in Section 2.2.4 of this chapter. The vector CR) is the current 

extemal applied loads, and the vectot (Ad) is the incrementai nodal degrees of 

freedom. The incremental strain-displacement matrix [,,BI consists of the small 
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defomiation matrix and the initial displacement matrix [a J associated with the 

strains (,,deo) and (,,de), respectively. Therefore, the mat& [J3] is defined as 

foflows: 

The matrix [J3J is the incremental noniinear strain-displacement matrix. The 

complete expressions for the terms of the matrices [,,Bo], [a J, and [J3J are given 

by Bathe (1982). 

By substituthg fiom Equation 2.13 into 2.12 and cdecting the correspondhg 

terms, the f i t e  elernent incremental equations can be obtained as follows: 

The nght-hand side of Equation 2.14 is the residual force vector, which results fiom 

subtracting the intemal forces ( f )  of the previous iteration from the current extemai 

forces (TR). The matrix is the iinear stiffhess matrix, the rnatrix J is the initial 

displacement s t f iess  matrix, and the matrix &J is the nonlinear stifiess matrix. 

The three stiffiess matrices are defined as follows: 



The sumrnation of the three stifniess matrices (K,,, K, and K& gives the element 

tangent stiffness matrix [KT]. 

The Total Lagrangian formulation presented above gives the main steps in 

developing the large deformation formulation of the 9-node degenerated shell finite 

element. Readers who require more detail about the Total Lagrangian formulation 

are advised to refer to Bathe (1 982), or Zienkiewicz and Taylor (1 99 1). 

2.2.4 EIasto-Plastic Strain Hardening Mode1 

A rnulti-linear isotropic strain hardening constitutive model was formulated 

to represent the stress-strain relationship of the cold-formed steel material. The 

model was based on the Huber-von Mises yield criterion and its associated flow nile, 

as  presented by Chen and Han (1988). An incrementai approach was adopted for the 

current elasto-plastic analysis, in order to have a compatibility with the large 

deformation finite element anaiysis approach presented in Section 2.2.3. The 

following steps summarize the main procedure foiiowed in the derivation of the 

constitutive model. 
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2.2.4.1 The Yield Criterion 

The yielding state of an isotropic material in the Huber-von Mises yield 

cnterion is determined by a yield fùnction (F) as follows: 

where (a3 is an effective stress fùnction, (a,,) is the uniaxial yield stress, and (JJ is 

the second deviatonc stress invariant. The stress invariant (JJ is defined as: 

where (si j) is the stress deviator tensor, and (0, = '/3uÜ) is the first invariant of the 

stress tensor. Based on the definitions of (Ja and (si), the effective stress (a,) for the 

degenerated sheil finite element, using the local Cartesian coordinate system (x'.y',z'), 

can be evaluated as follows: 

The nomai stress (a,.) does not appear in Equation 2.20, as it was considered 

negügible in the formulation of the degenerated sheil elernent. The yielding condition 

in Equation 2.18 occun when the effective stress (a,), given by Equation 2.20, be 



equd to the uniaxial yield stress (a$. 

2.2.4.2 Elasto-Plastic Stress-Strain Relationship 

The total strain increment in the local Cartesian coordhate system (de') is 

defined as the sum of the elastic strain increment (de'") and the plastic strain 

increment (dCP) as follows: 

The plastic strain increment (de'? is defined, according to the associated flow rule, 

as follows: 

dCP =dl F,, (2.22) 

where (dl)  is a non-negative scalar, and (F,,) is the flow vector (aF/aa}. The 

deferential fonn of Equation 2.18 can be wriaen as follows: 

where (A) is the hardening parameter. Using Equations 2.21 to 2.23, and knowing 

that (do' = D de"), an expression for the scalar (d A) can be detenined as follows: 



A + F,; D F,, 

where @3] is the elastic stress-strain relationship matris given as: 

and (u = 516) is a shear correction factor. Based on the above expressions, the 
- - - - - - - - - - - - - - - - - -  

- - - - - -  

incrementalstress-~train relationship beyond the initiai yield stress (proportional limit) 

can be written as foilows: 

where [D,] is the elasto-plastic stress-strain relationship matrix defined as : 
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2.2.4.3 Multi-linear Strain Hardening 

The hardening parameter (A) in Equation 2.27 should be set to zero for the 

condition of perfect plasticity. However for strain hardening materiais, (A) takes the 

value of the plastic modulus (H), which is the dope of the effective stress (03- 

effeaive plastic strain (ez) curve. The incremental effective plastic strain (de:) can 

be calculated as folows, assuming an equivalent arnount of plastic work per unit 

volume to that of the general stress-strain case: 

The plastic modulus (H) is related to the modulus of elasticity (E) and the 

corresponding tangent modulus &) as foliows: 

As will be discussed in Chapter Three, the current elasto-plastic constitutive mode1 

employs a multi-linear stress-strain relationship to account for the gradual yielding 

behaviour and the strain hardening of the cold-formed steel material. The gradual 

yielding was accornmodated with a bi-linear plastic representation, with tangent 

moddi (& and beyond the proportional lirnit as shown in Figure 2.3. The strain 

hardening of the matenal was accommodated with a Iinear plastic segment with a 
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tangent modulus 0. The uniaxial stress lirnits of the three plastic segments and the 

values of the three tangent moduli &,, E, and E& are chosen based on the tende 

coupon test results presented in Chapter Three. Equation 2.29 can then be 

generalized for a plastic modulus (H3 as follows: 

HaWig defined al the tenns in Equation 2.27, the elasto-plastic stress-strain matrix 

[D,] can be calculated to take part in the nonlinear £inite element formulation as 

presented in Section 2.2.3 -2. 

2.3 Problems Associated with the Degenerated Shell Finite Element 

The analysis problems associated with the basic 9-node degenerated shell finite 

element arise fiom the Mindlin assurnption (that a constant transverse shear strain is 

considered through the thickness of the element), and fiom the representation of the 

membrane strains. Parisch (1979) performed a cntical survey on the 9-node 

degenerated sheil element to study the pefiormance of the element. It was fomd that 

the element performs very well for moderately thick shells, and for general loading 

conditions. However, for very thin shells, and shells in pure bending, over stiff 

erroneous solutions were usually obtained when hil integration is used to evaluate the 

stiffness matrices of the element. This problem is known as "transverse shear and 
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membrane locking" of degenerated sheli elements. The use of a reduced integration 

scheme to under-integrate the stifkess matrix of the degenerated shell element, in 

order to reduce the locking effects, may result in the generation of spunous zero 

energy modes. 

2.3.1 Transverse Shear and Membrane Locking . 

The phenornenon of the "transverse shear and membrane locking" may be 

explained as follows: 

The total potential energy (II), based on the Reissner-Mhdlin theory, for a 

degenerated shel element may be given by: 

where (Q, (q), and (Q are the membrane, bending, and transverse shear strain 

tenson, respeaively. The matrices [DJ, [D,], and Pa] are the corresponding stress- 

strain relationship matrices. After the integration through the element thickness, the 

element strain energy terms can be separated into the bending strain energy [S.E.,], 

the membrane strain energy [S.E.,,J, and the transverse shear strain energy [S.E.,]. 

These strain energy ternis can be written as follows : 



S.E., = '/; 

S.E., = X 

where 0, (ISr), and (k) are the sheU cuwatures, (EA, (e,), and (e,) are the 

membrane strains, and ( y a  and (yJ are the transverse shear strains. It can be 

deduced from Equation (2.32) that: 

where (AL) denotes a characteristic length of the element. When the (UA L) ratio in 

Equation (2.33) tends to zero at the limit, the transverse shear strains will not tend to 

zero as they should be according to the thin plate theory. In fact, when the sheil 

thickness becomes very small, the strain energy associated with the transverse shear 

strains and the membrane strains will m w ,  compared to the bending strain energy, 

and, thus, they will dominate the totai &ess of the element. Therefore, an over stiff 

solution will result, (Parisch, 1979, Huang and Hinton, 1986). 

2.3.2 Spurious Zero Energy Modes 

When the "reduced integration" scheme for the stifhess matrix of plate and 

shell finite elements was first introduced by Zienkiewicz, et al. (1971), the scheme 
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showed good results in overcoming the locking problems. However, a later 

understanding of this scheme indicated that the under-integration of al1 the terms of 

the elernent st8he-s matrix may result in a rank deficiency of the matrix. Therefore, 

a better integration scheme "selective integration" was introduced by Hughes, et ai. 

(1978). In the "selective integration" scheme, a reduced integration mle was used to 

evaluate the terms of the stfiess matrix associated with the troublesome transverse 

shear strain energy and membrane strain energy ody. A full integration rule was used 

to evaluate the remaining terms of the stiffhess matrix (namely the bending stifniess 

tems) in order to maintain its overall required rank. 

The study of Parisch (1979) on degenerated shell finite elements proved that 

both the "reduced integration" scheme and the "selective integration" scheme may 

result in the generation of spurious (extra) zero energy modes in excess of the sheli 

six ngid body modes. This would mean then, an instability condition of the element 

may ocair unies wflicient boundary conditions are introduced. The study indicated 

that up to four spunous zero energy modes were located in the basic 9-node 

degenerated shell element when a 2x2 integration scheme, in the mid-surface plane, 

was used to evaluate the transverse shear and membrane tenns of the element stfiess 

matrix. Furthemore, up to seven spurious zero energy modes were located when the 

2x2 integration scheme was used to evaiuate ail the tems of the stiffiiess matrix. The 

9-node degenerated sheli element needs, at least, a 3x3 integration scheme in the rnid- 

sudace plane to obtain the exact ternis of the elastic stifhess matrix (Bathe, 1982). 
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2.4 "Assumed Strain Fields" Method 

The "assumed strain fields" method, proposed by Huang and Hinton (1986) 

and Huang (1987a), was used in the current study to modify the kinematic 

formulation ofthe 9-noâe degenerated shell finite element. The purpose of using the 

"assumed strain fields" method was to overcome the analysis problems of the basic 

9-node shell element, which were discussed in Section 2.3. These problems are the 

transverse shear and membrane locking, and the spurious zero energy modes. 

The "assumed strain fields" method is based on the idea of introducing 

substitute consistent transverse shear and membrane strain fields, instead of the strain 

fields that may be evaluated fiom the displacements and rotations expressions of the 

basic 9-node sheil element. However, a lin! between the original strain fields and the 

substitute strain fields is established at a set of appropriately Iocated points in the mi& 

surface of the sheli element, cded the "sarnpling points". The sampling points are the 

points in the sheli element, where the original strain fields of the basic element give 

the correct values of the transverse shear and membrane strains. As a result, the 

transverse shear and membrane strains will be the sarne for the original strain fields 

and the substitute strain fields at the sampling points, however, they may be dserent 

at other points. The substitute transverse shear and membrane strain fields are then 

used to waluate the corresponding terms of the stifniess matrix of the shell element. 
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2.4.1 Elimination of the Transverse Shur Lacking 

nie condition of zero transverse shear strains for very thin shell situations in 

the natural coordinate system (c,q,C) may be written as follows: 

where (y €3 and (y ,& are the two transverse shear strains Ui the thickness direction 

(C), and (a ( )  and (P,) are the rotations associated with the transverse shear strains 

(y and (y ,J, respedvely. The shear strains (w, and (W.,) are calculated as the 

derivatives of the lateral displacement (w) with respect to the mid-surface directions. 

The polynornial tems for (az)  and (w,$ of the basic Bnode degenerated sheîi 

element are given by : 

Sirnilar expressions can be given for (pJ and (w,,) as well. As the polynornial tems 

for (ac )  and (w,~) [and for (P,) and (W.,)] do not match, substitute fields for the 

transverse shear strains can be assumed as follows: 



where the constants b, through b, and c, through CG, will be detenmined such that the 

strallis at the "sampling points" are the same as the strains evaluated fiom the original 

strain fields. The substitute shear strain (7 is linear in ( e )  direction and quadratic 

in (r\) direction, while the subaitute shear s t n b  (7,S is quadratic in (E) direction and 

linear in (q) direction. The shape of the interpolation fùnctions for (7 and (Vq$ 

are shown in Figure 2.4. If the substitute strain fields are expressed as polynorniais 

of a lower degree than those in Equation 2.36, the spurious zero energy modes will 

appear. 

To determine the locations of the sampling points, which link the original 

transverse shear strain fields and the substitute transverse shear strain fields, the 

following procedure was irnplemented: 

At the sampling points, the original strain fields should give the exact strain results. 

Thus, the original transverse shear strains (ycc and y ,<) should satisfy the following 

conditions for thin shell situations: 

where (yRtC) and (yR,() are the transverse shear strains obtained fiom the exact 



analytical solution. Although Equation 2.37 can not be satisfied at ail the element 

points when Reissner-Mindh theory is applied, it can be satisfied in an average sense 

as follows: 

where (AA) is a particular area in an individual finite element. For the 9-node sheii 

element, it may be assumed that Equation 2.38 can take the foUowing fonn: 

The condition of  zero transverse shear in Equation 2.34 can then be solved, with the 

help of the assumptions of Equation 2.39 and the interpolation fiinctions tisted in 

A p p d i  4 to h d  the values of (6) where the shear strain ( y r r )  equals to zero, and 

the values of (q) where the shear strain (yqc) equais to zero. The solution results in 

the sarnpüng points at (c) equals to q1/3)" for (y and at (1) equals to *(lh)' for 

(y ) However, by referring to Equation 2.36, it c m  be noticed that six sarnpling 

points are required for the representation of the substitute shear strains (7 tc) and 

(r,(). Therefore, the six sampling points for (Ygc) were considered at the two lines 

(6 = * a) with (q = + 1, 0, - l), where "a" equals to (%yh, as shown in Figure 2.5. 



This choice insured the continuity of the transverse shear main across the edges of 

adjacat elements. Similady, the six sarnpling points for (y,$ were considered at the 

two Iines (q = * a) with ( e  = +1, O, -1). 

If the substitute transverse shear strains (y and Y,,<) are replaced by theu 

correspondhg tenns of the incrernental Green-Lagrange strah tensor (,AElc and 

,AEqc) for the incremental nonlinear analysis, then the substitute fields for the 

transverse shear mains in Equation 2.36 can be interpolated as follows: 

where the tenns (,A@{S and (,A@,$ are the hcremental transverse shear strains 

at the samphg points, evaluated directly fiom the displacernent field in the natural 

coordinate system. The interpolation hnctions (4 'j, correspond to the sarnphg 

points (1 , l )  through (3,2) associated with (7 (3 in Figure 2.5, can be written as 

follows: 
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Similar interpolation hctions (+ 9, correspond to the sampling points (1,l) through 

(3.2) associated with ( f ,<) in Figure 2.5, can be written by simply replacing ( e )  by 

(q), and (q) by (c) in the expressions of (4 U) in Equation 2.41. 

2.4.2 Elimination of the Membrane Locking 

The membrane and transverse shear stifniess ternis of the degenerated sheli 

finite element were found to be of the sarne order of magnihide, as discussed in 

Section 2.3.1. Therefore, it was expected that the procedure of the elimination of the 

membrane locking would be simiiar to that of the transverse shear lockhg. 

Furthemore, as the membrane strains cm only be separated from the bending strains 

in the local Cartesian coordinate system (xn,  y', z'), the elimination of the membrane 

locking should be performed in this coordinate system, (Huang, 198%). 

The in-plane displacements of the shell element can be expressed in the local 

Cartesian coordinate system as follows: 

where (y') and (v,') are the displacements in the mid-surface of the element in 

directions (x') and (y'), respectively. The rotations (a,) and ( p y )  are the rotations 

around the local axes (x') and (y'), respectively. The membrane strains can then be 

expressed in three ternis (e,,., eWY, and e,,.) as follows: 



It can be noticed, fiom Equation 2.43, that the substitute field for the membrane strain 

(e,,) should be hear in (x') direction and quadratic in (y') direction. Sunilarly, the 

substitute field for the membrane strain (e,.,,a) should be quadratic in (x') direction 

and linear in (y') direction. However, the substitute field for the membrane strain 

should be quadratic in both (x') and 0.3 directions. Higher order components 

of the membrane strain terms were considered of negligible effect on the substitute 

membrane stmh fields. Therefore, the substitute fields for the incrementai membrane 

strains of the Green-Lagrange strain tensor (,AE,,, ,AeW.,. and  AG^^,^) can be 

interpolated as follows: 

where the interpolation fùnctions ($3 and (Ji  ü, are as defined in the previous section 
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membrane strains at the sampling points, evaluated directly fiom the displacement 

field in the local Cartesian coordinate system. 

The locations of the sarnphg points for the membrane strains were 

detennined by considering a shallow cylindrical sheli element subjected to pure 

bending (Huang, 1987b), where the shell element should possess zero membrane 

strains in this situation It was found that when the angle of the element rotation due 

to the pure bending condition is smail enough, the locations of the sampling points 

wouid be the same as for the transverse shear strains. The locations of the sampling 

points are shown in Figure 2.5. The substitute Uicremental membrane strains (,A e,.,. 

and 1/3 OA-~.ya) would be interpolated l i n d y  in (è) direction and quadratically in (q) 

direction. On the other hand, the substitute incremental membrane strains (,~e,.,* 
and % 0A-G8ye) would be interpolated quadratidly in ( 6 )  direction and linearly in (q) 

direction. 

2.5 Solution Techniquu 

The curent f i t e  elernent analysis ernploys two important solution techniques, 

which are discussed in this section; [a] the technique for solving the nonlinear 

equilibrium equation, and b] the technique for implementing the assumed strain fields 

method through the noniinear solution. 
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2.5.1 Solving the Nonlinear Equilibrium Equation 

Two sources of the nonlinear response were introduced in the m e n t  finite 

element analysis; the large defonnation representation, and the elasto-plastic matenal 

representation The Newton-Raphson technique was adopted for the incremental 

iterative procedure of the finite element solution (Bathe, 1982). In the Newton- 

Raphson technique, the solution for the general finite element equation (Equation 

2.14) at the previous discrete time (T-AT) is assumed known and the solution at the 

current discrete tirne O is required, where (AT) is a suitably chosen tirne increment. 

As the tangent stiffiiess ma& [K,1 and the intemal force vector (f) are not known at 

the m e n t  t h e  O, an iterative procedure should be foilowed to obtain the solution 

at tirne (T) as shown in Figure 2.6. In this iterative procedure, the tangent stifhess 

matrix KT] was updated at every solution iteration by updating the strain 

displacement rnatrix p] and the stress-strain relationship matrk [D,]. The solution 

at the current time (T) would be achieved when the residual force vector (TR - f )  

converges to zero. Othewise, a displacement increment solution from the last 

iteration should be calculated and added to the total displacement veaor, and the 

iterative procedure should be continued. 

A displacement convergence criterion was used to accept the solution at the 

end of the finite element iterative procedure. The criterion required that the 

displacement increments resulting âom a solution iteration to be within a prescribed 

tolerance of the total displacement Uicrements for that particular solution step, Le.: 



where ( ~ d ~ , ' )  is the displacement increment vector of the current solution iteration, 

(d'pi) is the total displacement vector of the current solution iteration, and (dTd3 is 

the displacement vector of the last converged solution step. The prescribed 

convergence tolerance (TOL) was generdy chosen equal to 0.00 1. 

The tangent stiffhess rnatrix IK,1 and the intemal force vector (0 of the 9- 

node shell finite element were evaluated using the Gauss Quadrature integration 

scheme (Bathe, 1982). The number of the integration points in the mid-surface plane 

and through the thickness direction of the element was variable, depending on the 

type of the considered problem. However, a minimum integration scheme of 3 x 3 ~ 2  

was considered, as it is the minimum recornmended scheme for the 9-node shell 

eiement. 

2.5.2 Implementation of the Assumed Strain Fields Method 

As discussed in Sections 2.4.1 and 2.4.2, the method of "assumed transverse 

shear strain fields" had to be implemented in the natural coordinate system (t,q,C), 

while the method of "assumed membrane strain fields" had to be implemented in the 

local Cartesian coordinate systern (x', y', 2'). The iterative procedure of the finite 

element analysis made it necessary to implement the "assumed strain fields" method 
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on the components of the strain-displacement matrix [BI and the strain vector (e) at 

wery solution iteration. As [BI is usually cdculated in the global Cartesian 

coordinate system (x, y, z) and (G) is usuaily calculated in the local Cartesian 

coordinate system (x', y', z'), appropriate transformation matrices were established 

to pdom the transfo~nations between these two coordinate systems and the natural 

coordinate system ( e  ,q , C). The required transformation matrices are given in 

Appendix B. 

The procedure penormed to mode  the strain-displacement matrix p] and 

the strain vector (e) of the Pnode shell element, in a typical solution iteration, is 

explained in the following steps. Note that a subscript (s) denotes the transverse 

shear component of the variable, while a subscript (m) denotes the membrane 

component of the variable: 

1. At the mid-surface of the element ((=O), J and J were calculated at 

the samphg points in the global (x, y) directions, and (Q and (Q were calculated 

at the sampling points in the local (x', y') directions. The transverse shear 

cornponents PJ and (Q were then transformed to the natural ( E ,  q) directions, 

while the membrane component [B J was transformed to the local (x', y') directions. 

2. The membrane component [BA was calculated at the Gaussian integration 

points in the mid-surface (<.;O) in the global (x, y) directions, then transfonned to the 

local (x', y') directions. The membrane strain (f&J was calculated diiectly at the same 

integration points in the local (x', y') directions. 
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3. Using the interpolation fiinctions in Equations 2.40 and 2.44, the substitute 

transverse shear and membrane fields for p] and (e) £tom step (1) were interpolated 

âom the sampling points to the Gaussian integration points in the rnid-surface (/=O), 

to give the assumed transverse shear components [Ë,] and (EJ, and the assumed 

membrane components [Ë,] and (G,J 

4. By looping over the Gaussian integration points in the uiickness direction 

ofthe element (variable c), the assumed transverse shear and membrane components 

in step (3) were implemented in p] and (e) as foîiows: 

4.(a) The matrk p] was first calculated in the global (x, y) directions. 

@3] was transfomed to the natural(6, q) directions, and its original transverse 

shear cornponent [BJ was replaced by the assumed component [B,] fiom step 

(3). 

4 . 0  The rnatrix @3] was then transformeci to the l d  (x', y') directions, 

and the membrane component PJ tiom step (2) was deducted, while the 

assumed membrane component [Ë,] fiom step (3) was added. p] was 

transformed back to the global (x, y) directions. 

4.(c) The vector (E) was first calculated in the local (x', y') directions. 

(e) was transfonned to the natural ( e ,  q) directions, and its original transverse 

shear cornponent (Q was replaced by the assumed component (GJ fiom step 

(3). 

4.(d) The vector (C) was then transformed back to the local (x', y') 
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cürections, and the membrane component (Q fiom step (2) was deducted, while 

the assumed membrane component (Ga fiom step (3) was added. No 

transformation was done afterwards. 

2.6 Verification Problems for the Assumed Strain Shell EIement 

A set of bench mark problems were chosen to test the efficiency and accuracy 

of the 9-node degenerated assumed strain sheli element. The bench mark problems 

cover the large defonnation, and the elasto-plastic, nonlinear behaviour for a range 

of very thin to moderately thick plate and shell structures. In al these problems, the 

stiffhess matrix of the element was evaluated using a 3 x 3 ~ 2  Gauss Quadrature 

integration scheme. 

Problem (1) Large Deflection of an Elastic Tbin Plate Under Uniform Pressure 

A square clamped plate subjected to a unifionnly increasing transverse pressure 

was analyzed using the assumed strain shell finite element. The plate was clamped in 

the in-plane and the transverse directions. The material of the plate was considered 

to be isotropie and elastic. The configuration of the plate and its elastic properties are 

shown in Figure 2.7. These conditions and values correspond to the theoretical 

problem considered by Way (1938). The plate had a width-to-thickness ratio V t )  

of 500, which puts it in the category of extremely thin stmchires. Oniy one quarter 

of the plate was considered in the analysis due to the symmetry of the geometry and 
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the loading. This quarter plate was modelied using 3x3 (total of nine) assumed grain 

sheU fmite elements. 

The deflection of the plate at its central point was plotted against the unifonn 

pressure in Figure 2.7. The load-defiection behaviour obtained ushg the assurned 

strain sheil element, over 20 load increments, was compared to; [a] the behaviour 

obtained using the basic (original) degenerated shell element, pnor to the application 

of the assumed strain fields method, and p] the nonhear theoretical solution given 

by Way (1938). The nonhear theoretical solution was based on the "classical 

Rayleigh-Ritz" approach. From the cornparison, it can be noticed that the load- 

deflection behaviour based on the assumed strain shell element has good agreement 

with the theoretical solution. This behaviour indicates that the element is not affected 

by the locking problem, even in a case of an extremely thin structure. The behaviour 

of the original degenerated sheU element is over stEened at high load levels, which 

clearly indicates that it is affecteci by the locking problem. 

Problem (2) Large Deflection of an Elastic Thin Piate Under Concentrated Load 

An elastic square plate subjected to a concentrated load was analyzed using 

the assumed strain shell finite element. The plate had two opposite edges clarnped 

in the in-plane and the transverse directions, and the other two edges fiee as shown 

in Figure 2.8. The figure also shows the dimensions and the material properties of the 

plate. These conditions and values correspond to the experiment perfonned by Kawai 
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and Yoshirnw (1969). The width-to-thickness ratio (Ut) of this plate is 202. A 4x2 

mesh (total of eight elements) was used to mode1 one haif of the plate due to 

The defieetions at two points (A and B) within the plate were monitored and 

plotted in Figure 2.8, where the load-deflection behaviour was obtained over 10 load 

incrernmts. The figure compares the results of the assumed strain shell element and 

two other different finite element solutions; [a] the solution given by the basic 

(original) degenerated shell elernent, and b] the solution given by the "selective 

integration" shell element . The selective integration element used 3 x 3 ~ 2  Gaussian 

integration points for the bending and membrane terms of the stiffness matrix, while 

used 2 x 2 ~ 2  points for the transverse shear terms. This integration scheme for the 

selective integration element was thought to help in overcorning the over stiff solution 

of thin structures by under-integrating the troublesome transverse shear strain terms. 

Figure 2.8 also shows the expenmentai data for the problem, given by Kawai and 

Yoshimura (1969). By fïrst comparing the three finite element solutions to each 

others, particularly at the highest load level, it can be noticed that the solution 

obtained using the assumed strain sheU elernent shows about 25% extra displacement 

over the original shell element, and about 9% extra displacement over the selective 

integration sheli element. When the experimental data is considered, it can be 

concluded that the solution obtained using the assumed strain shell element agrees 

very well with most of the experimental data. 
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Problem (3) Detïection of an Eiastic Clampcd Cylindricai Panel Under Unifonn 

Pressure 

An elastic M y  clamped cyündrical panel, subjected to a unifody increasing 

normal pressure, was analyzed using the assumed strain sheli finite element. The 

dimensions of the panel are shown in Figure 2.9. These dimensions were the same as 

the dimensions considered by El Darnatty (1995). The panel was considered a 

relatively thin structure as its length-to-thickness ratio (Ut) equds to 160. Only one 

quarter of the panel was considered in the andysis due to the double symmetry of the 

geomeûy and the lodig.  This quarter panel was modeled using 2x2 (total of four) 

assumed strain shell elernents. 

The relationship between the value of the uniform pressure and the central 

deflection of the panel, obtained using the assumed strain shel element over 15 load 

increments, is plotted in Figure 2.9. The figure also shows the results of the same 

relationship obtained by El Damatty (1995) using consistent subparametric triangular 

shell elements. The triangular shell element, developed by Koziey (1993) and El 

Darnatty (1995), had 13 nodes and 54 active degrees of fkedom. The displacements 

of this element had cubic interpolation fùnctions, whiie the rotations had quadratic 

interpolation fiinctions. The element also had special rotational degrees of fieedom 

to obtain a quadratic variation of the transverse shear stress through the thickness of 

the shell. El Darnatty (1995) used a mesh of eight and 32 trianguiar elements to 

mode1 one quarter of the panel. He stated that both meshes gave the same remlts 
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shown for the pressu~e-ddection relaîionship. An excellent agreement can be noticed 

between the results of El Darnatty and the results of the assumed strain shell element 

ushg only four elements. The results obtained using the "selective integration" shell 

element, de~cn'bed in Problem (2), is aiso shown in the same figure. A non-consistent 

behaviour is observed fiom the results of this elernent. The element shows stfl 

behaviour flocking) at the levels of low pressure, but started to soften considerably 

at the levels of high pressure. This behaviour can be attributed to the under- 

integration scheme used for the transverse shear strain terms of the stiffness matrix 

of the element. While the pressure is low, it is mainiy transrnitted to the edges as 

membrane forces due to the geometry of the cylindrical panel. However, as the 

pressure and the deflection hcrease, transverse shear forces generate and form a high 

transverse shear stiffness. This transverse shear stifniess is under-integrated 

incorrectly, so the sofiening behaviour of the element occun. 

Problem (4) SnapThrough Buckling of an Elastic Cylindrical Panel Under 

Concentrated Load 

The cyhdrical panel descnbed in Problem (4) was andyzed again using the 

assumed strain sheU finite element, but with difFierent thickness, loading ,and boundary 

conditions. The panel was analyzed with a thickness of 12.7 mm under a single 

concentrated load at the central point as shown in Figure 2.10. The two straight 

edges of the panel were simply supported, while the two curved edges were free. 
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These dimensions and boundary conditions were the same as those considered by 

Homgome (1977) and Crisfield (1981). One quaner of the panel was modelied using 

2x2 (total of four) sheU elements. To be able to detect the snap-through buckiing of 

the cylindrid panel, a "displacement control" algorithm was used. The displacement 

control aigorithm enables passing the limiting point of the first ultimate load as show 

in Figure 2.10. The algorithm is based on the unified constraint procedure, which 

enables Werent control methods to be implemented according to the definition of the 

control parameters (Kanak-Nidadchai, 1990). A description of the unified constraint 

algorithm is presented in Appendix C. 

The equiîibrium condition load of the cylindrical panel is plotted against the 

incremented central deflection in Figure 2.10. A total of 25 displacement increments 

were used, with an increment of one mm per solution step. The load-deflection 

relationship obtained using the assumed strain shell element was compared to the 

results given by Crisfield (1981). Crisfield modelled one quarter of the panel using 

5x5 (total of25) rectangular elements, with quadratic shape functions for the in-plane 

displacements, and quartic non-conforming shape functions for the out-of-plane 

displacements. Good agreement wuld be noticed between the current results and the 

results given by Crisfield (1981) for the whole range of the load-deflection 

relationship. The same figure also shows the results given by Homgome (1977), up 

to the first ulthate load level only, who employed hybrid elements to mode1 the 

cyündrical panel. 
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Problem (5) Poat-Buckiing of Elastic Plates Under Uniform Edge Displacement 

The pst-buckling behaviour of an elastic square simply supported plate was 

investigated using the assumed strain shell fuiite element. The configuration of the 

plate and its matenal properties are shown in Figure 2.11(a). The dimensions and the 

material properties were the same as considered in the nonliinear theoretical analysis 

of Yarnaki (1959). The plate was subjected to a uniforni edge displacement 

condition, as shown in the figure. Two cases of the geometry of the plate were 

considered; [a] a perfect flat plate, and [b] an irnperfect plate with a double sine-wave 

curvature and a central imperfection of O. l t  (where t is the plate thickness). One 

quarter of the plate was modelled using 3x3 (totai of nine) sheii eiements. 

Figures 2. l l(a) and (b) show the relationships between both the lateral central 

displacement and the axial shortenhg of the plates, versus the ratio of the average 

edge stress to the cntical buckling stress (F / Fm). The solutions obtained using the 

assumed strain sheU eiement over 20 load increments were compared to the nonlinear 

theoretical solutions given by Yamaki (1959). Yamaki solved the fundamental 

equations for large deflections of thin plates by expressing both the initial and 

additional deflections as double Fourier series. The unknown coefficients of the senes 

were obtained by ap pl ying the " Galericin energy" method. Excellent agreement can 

be found between the present solutions and the nonlinear theoretical solutions. It is 

worth noting that the nonlinear theoretical solution in Figure 2.1 l(a) predicted sunilar 

behaviour for the flat and the imperfect plates far beyond local buckiing, with slightly 
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more displacements for the flat plate. It was interesting to find that the present finite 

element solution had aüictly the sarne prediction. 

Problem (6) Elut+piastic Bucküng of Plite Under Uniform Edge Displacement 

The elasto-plastic buckling of an imperf'iéct simply supported rectangular plate 

was investigated using the assumed main sheil finite element. The dimensions of the 

plate are shown in Figure 2.12. The plate was subjected to a unifom edge 

displacement condition. The finite element modeliing of the plate was performed as 

for the plate in Problem (5). The materiai of the plate had a yield strength (5) equals 

to 250 MPa The dimensions and the material properties of the plate were the sarne 

as in the problem considered by Moxham (Crisfield, 1975). The material behaviour 

was modelled using a bi-ünear elastic-perfectly plastic stress-strain relationship. The 

"displacement control" aigorithm was used with 24 displacement increments to obtain 

the complete behaviour of the plate as shown in Figure 2.12. The solution obtained 

for the elasto-plastic behaviour of the plate using the assumed strain sheii element was 

compared to the solution given by Moxham (Crisfield, 1975). Moxham used a "Ritz 

procedure" in which eight unknown coefficients were used to represent the plate 

deflections. Plasticity was included by means of a volume integration after dividing 

the plate into thickness layers. Excellent agreement can be noticed in the sub-ultimate 

and post-ultimate behaviour of the plate. It should be noted here that the plate 

experienced inelastic local buckling, as the magnitude of the critical buckling stress 
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(FJ was greater than the yield stress of the material. The inelastic buckiing was also 

weli predicted by using the assumeâ main shell element. 

Further verification problerns of the efficiency of the assumed strain shell 

element in the elasto-plastic range are presented in Chapter Four, where the elernent 

was us& to model cold-fonned steel members in compression. The performance of 

the element was compared to the results of the laboratory tests presented in the sarne 

chapter, and the element proved to be very efficient as well. 

2.7 Summary 

The nonlinear incremental formulation of the 9-node degenerated shell finite 

element has been presented in this chapter. The formulation includes a "Total 

Lagrangian" procedure for the large deformation formulation, and a multi-hear 

isotropie strain hardehg mode1 for the elasto-plastic behaviour representing the cold- 

fomed steel (CFS) matenal. The strain hardening model was based on the Huber-von 

Mises yield citerion and its associated flow nile. The multi-Iiiear stress-strain 

relationship was considered to account for the gradua1 yielding and the strain 

hardening of the CFS material. 

The problems associated with the use of the basic 9-node degenerated sheU 

element, for the modelling of thin shell structures, were discussed. These problerns 

are; [a] the "transverse shear and membrane locking", and m] the "spurious zero 

energy modes". The kinematic formulation of the 9-node degenerated shell element 
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has been enhanced by using the method of "assumed transverse shear and membrane 

strain fields", in order to eliminate the above problems. Fuli numerical integration for 

the 9-node elernent can now be reliably employed, and always recommended, in order 

to eüminate the possibility of the generation of spurious zero energy modes. The 

implementation of the "assumeci strain fields" method has been extended to cover the 

large deformation formulation of the 9-node sheli element. 

The solution technique for the incremental nonlinear finite element analysis, 

based on the iterative Newton-Raphson method, was presented. A displacement 

convergence criterion was set to accept the solution at the end of the finite element 

iterative procedure. Also, the procedure perfomed to modifil the strain-displacement 

matrix [BI and the strain vector (e) in the "assumed strain fieldst' method, in a typical 

solution iteration, was presented. Finally, a set of bench mark problems was used to 

v e m  the large deformation and the elasto-plastic behaviour of the new irnplemented 

9-node assumed strain shell element. The deformation behaviour of the new shell 

element was compared to the behaviour of other shell elernents, and the results of 

experimental investigations. Excellent performance was obtained fiom the new shell 

element for a wide range of very thin to moderately thick plate and shell stxuctures. 



Figure 2.1 The 9-node degenerated shell finite element 



Figure 2.2 The 9-node sheii element undergoing large deformations (Bathe, 1982) 

Figure 2.3 Elasto-plastic isotropic stress-strain relationship 
with multi-linear strain hardening 



Figure 2.4 Interpolation functions for assurned strain fields 
(Huang and Hinton, 1986) 

Figure 2.5 Sarnpling points for assumed strain fields (Huang, 1987 a) 
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Figure 2.7 Large deflection of a thin plate under unifonn pressure 
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Figure 2.8 Large deflection of a thin plate under concentrated load 
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Figure 2.9 Deflection of a clarnped cylindricd panel under uniform pressure 
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Figure 2-10 Snapthrough buckling of a cyiindrical panel under concentrated load 
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Figure 2.1 1 Post-buckîing of a plate under unifom cdge compression 
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Figure 2.12 Elasto-plastic buckling of a plate under uniforrn edge compression 



CHAPTER 3 

MAlXRIAL PROPERTIES OF COD-FORMED 

STEEL SECTIONS: EXPERIMENTAL EVALUATlON 

3.1 Introduction 

The development of an appropriate analytical mode1 to predict the behaviour 

of cold-formed steel (CFS) structural members requires a correct representation of 

the corresponding material characteristics. The steel characteristics that are of 

interest include; [a] the mechanical properties (uniaxiai stress-strain behaviour, 

including values for the proportionai lirnit, yield strength, ultimate strength, yielding 

plateau, and strain hardenhg ), and [b] the residual stress state (initial pre-Ioading 

state of stress). 

The two welI-known cold-fomiing methods, the cold-roll forming and the 

press-brake forming are expected to induce substantial changes in the characteristics 

of the CFS material, as compared to the virgin sheet steel. Large deforrnations are 

expected to occur in the d o n  due to the cold bending operation. The deformations 

expected at the flat parts of the section may be elastic deforrnations, however, the 

deforrnations mpected at the comer parts are essentially plastic defonnations. Once 

the cold bending operation is completed and the fomed section is released, the elastic 

defomations at flat parts and the released elastic strains at comer parts can not 

77 
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recover due to the shape restrictions. This behaviour results in the generation of 

trapped longitudinal, and transverse residud stresses in the section. Meanwhile, the 

unreleased plastic strains a -  corner parts r d t  in significant changes in the mechanical 

properties ofthe material due to the "strain aging" phenornenon (Chajes et al., 1963). 

In general, the non-uniformity of the cold work appiied to a CFS section results in 

different mechanical properties and dEerent magnitudes of residual stresses across 

the section. Thus, in order to develop a suitable CFS material model, the distributions 

and magnitudes of these mechanical properties and residual stresses need to be 

evaluated first through experimentai tests. 

In this chapter, the results of two series of experimental investigations to 

evaluate the mechanical properties, and the residual stresses of CFS sections are 

reported. The investigations were perfiomed on CFS channel sections manufactured 

using the cold-roll forming method. Two diierent zinc-coated Lipped channel 

sections of steel A 4461A 446M (ASTM, 1994a) were considered in the study. The 

first section was a 203 mm (8 in.) deep, 1.91 mm (0.075 in.44 gauge) thick, Grade 

D steel with a minimum specified yield strength of 345 MPa. The second section was 

a 10 1.5 mm (4 in.) deep, 1.22 mm (0.048 in.- 1 8 gauge) thick, Grade A steel with a 

minimum specified yield strength of 228 MPa. Tende coupon tests were used to 

evaluate the mechanical properties at different positions of the channe1 sections. 

Electrical resistance strain gauges with an "Electrical Discharge Machining" cutting 

technique were used to establish the magnitudes and distributions of residual stresses 
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within the channel sections. The techniques used to idealize the variations of the 

mechanical properties and the residuai stresses of CFS channel sections are also 

present ed. 

3.2 Tensile Coupon Tests 

The mechanical properties of cold-forxned steel (CFS) channel sections were 

evaluated based on a total of 41 tende coupons. The coupons were cut dong the 

longitudinal direction of the two channel sections. The exact positions of the coupons 

in the web, £langes, corners, and lips of the sections are shown in Figure 3.1. For 

each position, a minimum of two coupons were tested. 

3.2.1 Teosile Coupons 

The tende coupons cowisted of [a] 13 standard flat coupons (positions A-4, 

A-8, A-9, B-4, and B-8, length 200 mm, width 12.5 mm), [b] 19 non-standard flat 

coupons (positions A-1, A-3, A-5, A-7, B-1, B-3, B-5, and B-7, length 200 mm, 

width 6.25 mm), and [cl 9 non-standard curved coupons (positions A-2, A-6, B-2, 

and B-6, length 300 mm, corner width). The standard flat coupons were cut from flat 

parts of the sections, and dimensioned accordiig to the guidelines provided by the 

ASTM Standards A370-92, "Standard Test Methods and Definitions for Mechanical 

Testing of Steel Products", (ASTM, 1994b) for sheet-type materials. The non- 

standard flat coupon were cut from near-to-comer parts of the sections. These 
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coupons had the same dimensions as the standard coupons except of the narrower 

width within the gage length and the grip section. The narrower width was chosen 

to obtain coupons that are as close as possible to the corners of the tested sections. 

The non-standard w e d  coupons were cut nom corner parts of the sections. These 

coupons were dirnensioned longer than the standard coupons to muiimize the bending 

eEects at the centre of the specimen d u ~ g  testing. The width of a curved coupon 

inciuded the complete comer area at its position. The grip sections of di the cunred 

coupons were not flattened to keep the centre of the applied tensile force during the 

test aligned with the centre of the specimen within the gage length. 

3.2.2 Test Procedure 

The tensile coupons were tested in a 250-kN capacity MT'S (Material Test 

System) machine. The MTS machine had a maximum voltage output of 10 volts for 

both the load and the strain readings, with a readability of 0.004 volts. A load range 

of 10% (load capacity of 25 kN) was adopted for the test. The coupons were 

mounted in the testing machine using the gripping devices and aligned with respect 

to the vertical axis of the machine. The axial load was then applied at a constant rate 

of 3.0 mdmin. A calibrated extensometer of 50.0 mm gage length was attached to 

the centre of the tensüe coupons, to measure the axial elongation of the coupons 

duMg the test. A strain range of 100/. (maximum readable strain of 0.1) was adopted 

during the initial part of the test. Beyond an equivalent strain limit of 0.02, the strain 
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range was increased to 500/o (maximum readable strain of 0.5), in order to monitor the 

subsequent behaviour of the coupons up to failure. niis change of the strain range 

during the test affected only the recorded numencal values of the elongation and did 

not affect the continuity of the test itself The voltage readiigs of both the axial load 

and the axial elongation during the test were recorded using a two-channel data 

acquisition system. A real tirne display of the load-elongation relationship dunng the 

test was monitored by comecting a personal computer with a "Lab-Tech Notebook" 

computer software to the data acquisition system. 

3.2.3 Test Results 

As the calibrated extensometer was attached to the centre of the tensile 

coupons d u ~ g  the test, it was desuable to have the failure within the gage length of 

the extensometer. Al1 the standard flat coupons failed within the extensometer gage 

length, weii away 60m the grips of the testing machine. Most of the non-standardflat 

and curved coupons also fded within the gage length. However, three non-standard 

flat coupons and two non-standard curved coupons failed in the reduced section but 

outside the gage length. Figure 3.2 shows a sample of the typical failed coupons, 

where the failure occurred within the gage length. 

The stress-strain relationsbip of a tensile coupon was denved from the load- 

elongation relationshi p using it s initial cross-sectional area and the gage length. The 

initial cross-sectional area of a flat coupon was determined by measurhg the actual 
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minimum width, and the minimum metal thichess within the gage length, to the 

nearest 0.01 mm using a digital micrometer. The minimum base metai thickness was 

determined by excluding the average thickness of the zinc coating layer. The 

thickness of the coating layer was detemllned using the provision A 90/A 90M 

"Standard Test Method for Weight of Coating on Iron and Steel Articles with Zinc 

or Zinc-AUoy Coatings" of the American testing standards (ASTM, 1994~). The 

average thickness of the zinc coating layer was found to be 0.04 mm and 0.03 1 mm 

for sections (A) and (B), respectively. The initial cross-sectional area of a curved 

coupon was detemiined f?om the geornetry of the corner part of the section, knowing 

the base metal thickness and the manufacturer inside and outside specified radii. 

3.2.3.1 Test Results for Section (A) 

The results of the stress-strain relationships for dEerent positions across the 

test section (A) (203 x 1.9 1 mm) are shown in Figures 3.3 through 3.6. As indicated 

before, a minimum of two coupons were tested at each position. in these figures, 

graph (a) shows the overall stress-strain m e s  of the coupons up to failure, and 

graph @) shows the initiai portion of the stress-strain behaviour up to a strain of 0.02. 

The stress-strain curve of only one coupon for each of the flat positions (A-4, A-8, 

and A-9) is presented in Figure 3.3, as no major dxerences were found between the 

results of the typical tensile coupons at these three positions. The stress-strain curves 

of two coupons are presented for each of the other positions in Figures 3.4 through 
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3.6. However, only one cwpon is presented for position A-3, as the second coupon 

fded just outside the gage length. 

Table 3.1 summarizes the average results for the mechanical properties of the 

test section (A). The yield strength (5) was determined based on the 0.2% offset 

strength method. This is due to the fact that di the tende coupons expenenced a 

gradual yielding, as opposed to the sharp yielding associated with dd-carbon 

stmctural steel. The proportionai Limit (Fd, which is the starting point of gradual 

yielding, was determined using the 0.01% offset strength method. The calculated 

modulus of elasticity (E) at all the tested positions (except for position A-6) was 

generaliy less than of 203 x 1o3 MPa, the value recornmended by both the Amencan 

and Canadian design specincations (AISI, 1991 and CS4 1994) for the design of 

CFS structures. 

The stress-strain curves of al1 the flat and next-to-corner coupons (except of 

position A-7) typically have a yielding plateau following the gradual yielding and then 

a strain hardening up to the ultimate strength (FJ. The coupons representing 

positions A-1 and A-7 have no yielding plateau, and the gradual yielding is foilowed 

directly by the strain hardening. The flat coupons of positions A-4, A-8, and A-9 

have approxhately the sarne stress-strain relationship with an equal yield strength of 

385 MPa, and an equal ultimate strength of 475 MPa. The lip coupons of position 

A-1 and the next-to-corner coupons of positions A-3, and A-5 show an increase in the 

yield and ultirnate strengths between 1% and 5% compared to the strengths of the flat 
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coupons. The coupons of position A-7 show an equivalent increase in the ultimate 

strength, but d e r  a Ioss of 2% in the yield strength. The total elongation of the lip 

and the next-to-corner coupons are generally less than that for the fiat coupons. 

The stress-strain ames of the comer COU~OIIS @ositions A-2 and Ad) do not 

show the yielding plateau and the strain hardening behaviour. Instead, the gradua1 

yielding extends sharply up to the ultimate strength (FJ at an equivaient strain of 

about 0.02 ody. The total elongation of these coupons do not exceed a value of 9%. 

The increase in the yield strength of the corner coupons has a maximum value of 47% 

compared to the strength of the flat coupons. The equivalent increase in the ultimate 

strength of comer coupons has a maximum value of only 29%. 

Figure 3.7 shows the variation of the recorded yield and ultiiate strengths 

across the test section (A). It can be observed fiom the figure that the increase in 

both the yield strength (5) and the ultimate strength (FJ is concentrated at and 

around the comer areas of the section. The percentage increase in (5) is generally 

more pronounced than that of (FJ. AS a result, the yield strength value becomes 

close to the ultirnate strength value at the comer areas. The flat areas in the web and 

the flanges of the section have equivalent values of(Fy) and (FJ. The expenmental 

yield strength is noticed to be higher than the minimum specified yield strength (345 

MPa) across the section. 
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3.2.3.2 Tcst Rcsults for Section (B) 

The resuits of the stress-strain relationships for different positions across the 

test section (B) (101.5 x 1.22 mm) are shown in Figures 3.8 through 3.12. The 

r d t s  of two c~tlpons are presented for each position, except for position B- 1 where 

the second coupon fàiled just outside the gage length, and for position B-6 where the 

second coupon failed away fiom the gage length. 

Table 3.2 surnmarizes the average results for the mechanical properties of the 

test Secfion (B). The yielding behaviour varies âom a position to another across the 

test section (B) as shown in Figures 3.8 through 3.12 (graph @)). AU the li p coupons 

of position B-l and the next-to-comer coupons of positions B-5 and B-7 experienced 

a sharp yielding behaviour. As a result, the yield strengt h (F,) for these positions was 

caidated as the average yield stress of the yielding plateau. The corner coupons of 

positions B-2 and B-6 experienced a gradua1 yieldhg behaviour. The yield strength 

(5) for these positions was determined based on the 0.2% offset strength method as 

for the test section (A). The yielding behaviour for the flat coupons of positions B-4 

and B-8 and the next-to-corner coupons of position B-3 could not be clearly detuied, 

as one tested coupon showed a sharp yielding and the other tested coupon showed 

a graduai yielding. The yield strength (F,) for these positions was determined based 

on the strength of the sharp yielding coupon. The dculated modulus of elasticity (E) 

at dl positions (except for position B-6) was also less than the recommended design 

value (AISI, 1991 and C S 4  1994) of  203 x IO3 MPa. 
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The stress-strain curves of the lip, flat, and next-to-comer coupons show a 

yKlding plateau foliowed by a strain hardening up to the ultimate strength (FJ. The 

flat coupons have an average total elongation of 36%, while the next-to-corner 

coupons have an average total elongation of 32%. The yielding plateau of the Lip 

coupons of position B-l is very short and the totai elongation is only about 22%. The 

flat coupons of positions B-4 and B-8 have approximately the same stress-strain 

relationship and an equal ultimate strength (FJ of 362 MPa. The recorded yield 

strengths (FJ of positions B-4 and B-8 are also very close (320 MPa and 3 18 MPa, 

respectively). The lip coupons of position 8-1 show an increase in the yield and 

ultimate strengths of 12% and 13%, respectively, fompared to the strengths of the flat 

coupons. The next-to-corner coupons of positions B-3, B-5, and B-7 show an 

equivalent increase in the yield and ultimate strengths up to 6% only. 

The stress-strain curves of the corner coupons (positions B-2 and B-6) show 

a similar behaviour as the corner coupons of the test section (A). The gradua1 

yielding behaviour of Bt and B-6 extends up to the dtimate strength at an equivalent 

strain of about 0.06. the total elongation of these coupons has a value of 12%. The 

inaease in the yield and ultimate strengths of the corner coupons ranges between 23% 

and 26%. 

Figure 3.13 shows the variation of the recorded yield and ultimate strengths 

across the test section (B). It can be observed Born the figure that the primary 

inaease in both the yield strength (FJ and the ultimate strength (FJ is concentrated 
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at and around the corner areas of the section, including the lip area. However, the flat 

areas of the web and the flanges also have some hcrease in (Fy) and (FJ. The 

percentage increase in (4) was found to be generally equivalent to that of (FJ. The 

experimental yield strength is noticed to be considerably higher than the minimum 

specified yield strength (228 MPa) across the section. 

3.2.4 Signiîicant Obsetvations 

The following obsemtions can be drawn from the test results of sections (A) 

and (B): 

[a] The results for the flat web and flange areas showed that the tende 

coupons fkom flat parts have approhately the sarne stress-strain relationship, yield 

strength, ultimate strength, and elongation Although achial data about the properties 

ofthe Wgin steel sheet is not available, this behaviour of the fiat parts suggests that 

the cold-roll fomiing operation has little effect on the flat parts of the section. 

Therefore, virgin sheet properties may be used as the corresponding properties of the 

flat parts of the section. 

[b] The substantial changes in the material behaviour were noticed at and 

around the corner parts of the sections, as a result of the large plastic deformations 

of the cold forming operation. A considerable increase in the yield and ultirnate 

strengths ( '  and FA ocnined at the coma parts. This increase was accompanied by 

a severe decrease in the total elongation, and a disappearance of the yielding plateau 



and the strain hardenhg ranges. 

[cl The changes in the material properties adjacent to the comer parts 

(represented by the next-to-comer coupons) were not as high as for the corner parts, 

but generaüy higher than flat parts. 

[dl The steel grade of the test sections is found to have an effect on the 

percentage increase in (5) at the comer parts of the test sections. This percentage 

for the test section (A) was almost double that of the test section (B). This indicates 

that as the speçified yield strength (F,,) inaeases, the percentage increase in (5) at the 

comer parts also increases. 

[el The steel grade is also found to have an effect on the yielding behaviour 

of the tensile coupons. While ail the coupons of the test section (A) (Grade D steel) 

experienced a graduai yielding behaviour, only the comer coupons of the test section 

(B) (Grade A steel), expenenced the same behaviour. Ali the other coupons of 

section (B) showed either a sharp yielding or a non-defined yielding behaviour. 

[fl Using the 0.2% offset method to determine the yield strength (5) can be 

generally apptied for the tensile coupons experiencing both gradua1 yielding and sharp 

yielding. It was noticed that using this method for sharp yielding coupons of section 

(B) would give the same results as presented in Table 3.2. 

3.3 Model for the Variation of Yield Strength 

The results of the tensile coupon tests show that the significant variations of 
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the yield strength (Fy) in cold-fomed steel (CFS) channel sections occur at the corner 

areas and at the flat areas djacent to corners. These observations are comparable to 

the results given by Karren and Wmter (1967) and Coetsee, et ai. (1990). In order 

to incorporate these variations into an analytical model of the CFS material, it is 

proposed that a lipped channel CFS section, with a smaii (r/t) ratio of its rounded 

corners, to be divided into two zones; a corner zone and a flat zone. The comer zone 

is proposed to include all the four curved areas of the section, two equivalent flat 

areas on both sides of each cucved a r e  and the two lips of the section. The flat zone 

includes the rest of the flat ara of the web and flanges of the section. Each zone will 

be assigned appropriate, but different, mechanicai properties. Figure 3.14 identifies 

the suggested comer zone, and the flat zone of a lipped channel section with s m d  

(rh) ratio. 

Based on the experirnental resuits of the tende coupons presented eariier, the 

yield strength of the flat zone (5) is proposed to be uniform, and represented by the 

value of the minimum specified yield strength of the steel grade used for the section. 

This means that no increase in (F,,) need to be considered in the flat zone of the 

section. The yield strength of the corner zone (Fd is, however, proposed to have 

higher value than the corresponding strength of the flat zone. Karren (1967) 

developed a semi-empirical model to predict the increase in the comer yield strength 

(AF,) a~ ~ O ~ ~ O W S :  



where, 

The main parameters in Karren's model are the ultimate strength-to-yield strength 

ratio F,/FY) of the virgin steel rnate&l, and the comer inside radius-to-sheet thickness 

ratio (r/t). This model is currently being used in the American LRR) Specüication 

(AISI, 1991). Lind and Schroff (1975) proposed another model to predict the 

increase in the comer yield strength, and their mode1 is currently included is the 

Canadian S 136-94 Standard (CS4 1994). This model suggests (AF,,) as follows: 

AF, (Corner Area) = (5 t / 1.57r) (F, - Fy) (3 -2) 

Both models c m  be used to predict the yield strength increase of the comer areas 

oniy, and are not valid for areas adjacent to corners, which showed hcreased yield 

strength as weli. Therefore, as shown in Table 3.3, the current test results, as weil as 

the results given by Karren and Winter (1967) for different shapes of roll-formed 

sections, were compared to Equations 3.1 and 3.2 to investigate which of the two 

rnodels is more consistent with the test results. It was obsewed that the ratio between 

the average increase in the yield strengths (AF,,) measured within the comer zone and 

the increase predicted by Equation 3.1 ranges between 0.49 and 0.74, with an average 
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equal to 0.63. It was also observed that this ratio increases, approximately, with the 

decrease of the yield strength. As for Equation 3.2, the sarne ratio was observed to 

range between 0.57 and 1 .OS, and no trend is noticed with the i n m e  of the yield 

strength. Hence, it is proposed to use Karren's model to predict the yield strength of 

the corner zone Pd, however, a factor of 0.6 is added to Equation 3.1 as foliows: 

Figure 3.15 shows the proposed i d h t i o n  for the distribution of the yield strength 

across the lipped channel section and the measured distribution given by the tensile 

coupon tests for both sections (A) and (B). The total area of increase of the yield 

strength can be defined in the figure as the area under the distribution of (Fy). It cm 

be noticed that this area under the idealized distr i ion is equivalent to the area under 

the measured distribution. This equivalency fùrther shows that the idealized yield 

strength distribution can represent the same total strength of the section as the real 

distribution. Moreover, the idealized distribution is simple and can be easily 

incorporated within an anaiytical materiai model for CFS channel sections. 

3.4 Mode1 for the Stress-Strain Relatiomhip 

The stress-strain cuwes, displayed in Figures 3.3 to 3.6 and 3.8 to 3.12, show 

that al1 the tensile coupons of the test section (A) (Grade D steel) and most of the 
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tensile coupons of the test section (B) (Grade A steel) expenenced a gradual yielding 

behaviour with no dennite yield point. Therefore, an ideaked elasto-plastic stress- 

strain model with a multi-linear isotropie strain hardening rule is used to account for 

the graduai yielding behaviour. The idealized multi-liiear stress-strain model (Figure 

3.16) is based on the Huber-von Mises elasto-plastic stress-strain model (Chen and 

Han, 1988), and its mathematical formulation has been presented in Chapter Two. 

In the idealized model, the elastic stress-strain behaviour is represented by an initial 

linear segment with a slope qua1 to the modulus of elasticity (E) up to a proportionai 

strength limit (FJ which is quivalent to the initial point of the materiai non-linearity. 

The gradual yielding behaviour is idealized using a bi-linear representation between 

the proportional limit (Fd and the yield strength (F,) passing through an intermediate 

yielding strength (FA as shown in Figure 3.16. This intemediate strength (F,,J is 

taken as the half-way point strength between the proportional strength (FJ and the 

yield strength (F,,). Two difFerent tangent moduli &, and E;3 are defïned for the bi- 

linear rep resentation. The strain hardening behaviour is rep resented by a linear 

segment with a tangent moduli 0. The limit strengths of the idealized stress-strain 

relationship (F, F,, and F,) are difEerent for the corner zone than that for the tlat 

zone of the channel section according to the idealization of the variation of the yield 

strength for CFS channe1 sections presented in section 3.3. However, the test results 

indicate that the ratio (F, / Fy) has a range between 0.66 and 0.88 for di the gradual 

yielding tensile coupons. A ratio of(Fp / F,) equal to 0.75 is considered appropriate 
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for both the flat zone, and the corner zone of the section. The modulus of elasticity 

(E) is considered equal to 203,000 MPa, which is the value recommended in the 

North Arnerican design codes (CS4 1994 and AISI, 199 1). The proposed values for 

the tangent moduli a,, E, and G) are 100,000 MPa, 20,000 MPa, and 1,000 

MPa, respectively, which are the best approximations of the results of the tested 

tende coupons. 

3.5 Residual Stress Tests 

The magnitudes and distributions of longitudinal and transverse residuai 

surface strains at ditrerent positions of cold-formed steel (CFS) channel sections were 

investigated in the current study. The surface strains represent the trapped residual 

stresses in the sections. The surface strains were released by slicing the sections into 

strips using the method of Electrical Discharge Machining @DM), and the strains 

were measured using electncal resistance strain gauges. 

3.5.1 Electt4cal Discharge Machining Method 

The Electrical Discharge machining (EDM) is a non-traditionai machining 

process of metais using sparks (electrical discharges). The conventional EDM system 

is illustrateci schematically in Figure 3.17. The sparks occur between the cutting tool 

(electrode) and the test specimen (workpiece) in an environment of a dielectric fluid. 

The cutting tool does not physically contact the test specimen. Instead, the dielectnc 
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0uid creates a path for the sparks as the fluid becomes ionized between the tool and 

specimen. The initiation of the sparks occua when a sufticient arnount of voltage is 

applied across the machining gap, and the dielectric fluid becomes ionized to cause 

a flow of electric current between the cutting tool and the test specimen through the 

gap (Weiier and Haavisto, 1984). The use of the EDM method for a CFS residual 

stress test is considered a relatively new technique, as most of the work done before 

was based on conventiond saw cutting. The ody reported test which used this 

method was perfonned by Weng and Pekoz (1990). The advantages of using the 

EDM methoâ over the saw method are; [a] avoiding permanent deformations of the 

tested section, as excessive clamping is not needed, [b] avoiding vibrations during the 

cutting process, as there is no contact between the cutting tool and the test specimen, 

and [cl cutting is done under the surface of the dielectric fluid, where the fluid works 

as a coolant and also as an insulator between the tool and the specimen. 

The EDM machine used in the cunent investigation was a knee-type, quill- 

head TQH-31 compact electrical discharge machine, manufactured by ELOX 

Corporation, Troy, Michigan. The TQH-3 1 machine works through three systems; 

a hydraulic system, an electrical system, and a coolant system. The quill-head of the 

machine has a vertical travel of 6" (152 mm) and can be manudy or hydrauücaliy 

operated. The workpan of the machine has a size of 42" length, 14" width, and 10" 

depth (approximately 1000 x 350 x 250 mm). The cutting tool was made of bras, 

as it is an excellent conduction material, and was shaped as a rectangular plate with 
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a thickness of 1 mm. Since the brass cutting tool erodes during the cutting process, 

the tool had to be changeci der  every 3 or 4 cuttings with a new one. A hydrocarbon 

oil was used as a dielectric fiuid and was continuously circulated during the cutting 

process to flush away the removed material particles. 

3.5.2 Preparation of Test Specimens and Data Acquisition 

Two identical residual stress tests were performed for each of section (A) 

(203 x 1.9 1 mm) and section (B) (10 1.5 x 1.22 mm). The test specimens were saw- 

cut from long CFS columns away fkom the ends to exclude any end damage of the 

columns. The length of the specimens of sections (A) and (B) was 600 mm and 300 

mm, respectively. The length of each specimen was approximately three tirnes the 

width of the section to insure that the specimen be sufficiently long, so that it has the 

sarne residual stress pattern as a much longer column fiom the same stock (Column 

Research Councii, 1976). The spechens were then prepared for mounting the strain 

gauges by removing the zinc coating layer at the positions of the gauges using a 50% 

solution of the hydrochlonc acid. Fourteen strain gauges were mounted on each test 

specimen of section (A), and 12 strain gauges were mounted on each test specimen 

of section (B). The positions of the strain gauges on the specimens of sections (A) 

and (B) are shown in Figures 3.18(a) and 3.19(a), respectively. As show in the 

figures, the strain gauges were mounted on both the inside and outside sufiaces of the 

specimens at each position, except at the lip and at the adjacent corner where no 
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gauges were mounted on the inside surface as it was difficult to reach. AU the strain 

gauges were of 5 mm length, and were mounted in the longitudinal direction of the 

section at the rnid-length of the test specimen. One 5 mm rosette strain gauge was 

also mounted at position (8) of the second test specimen of section (A) in order to 

measure the released outside sufiace strains in the longitudinal, transverse, and 45" 

directions of the specimen. The strain gauges were glued to the test specimens 

accordmg to the procedure provided by the manufacturing Company. The gauges 

were then wired and coated 6 t h  a thick layer of protective coating in order to 

prevent any darnage during handling and cutting process. 

The reading of released strain data was achieved by comecting the strain 

gauges of a single test specimen to a strain indicator (Model P-3500) through two 

switch and balance units (Model SB-1). The suain indicator had a range of 

&20,000 pe with a readability of 1 pe, and the switch and balance units had a 

resolution of less than 1 pe. Two switch and balance units were used as each unit 

had a capacity of 10 chamels oniy. The units were connected in pardel, so either of 

them can be switched "open" to enable taking readings on the other unit. 

3.5.3 Test Procedure 

Once the preparation of each test specimen was completed, the specimen was 

placed inside the workpan of the TQH-3 1 machine and lightly clamped to the bed of 

the pan at its edges. The workpan was then nIled with the hydrocarbon oil and the 
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brass cutting tool was mounted in its place. The reading of each straln gauge was 

initialized to zero using the switch and balance units. 

The cutting sequence for the test specimens of sections (A) and (B) around 

the strain gauges is as shown in Figures 3.18(b) and 3.19(b), respectively. The 

specimen was supported underneath each cutting path to prevent any local 

deformations in the surrounding area of the ait. Mer the transverse cut paths (1) and 

(2) were completed, the outer parts of the specimen were removed from the workpan 

and the longitudinal cutting sequence was done on the rniddle part oniy (75 mm). 

This procedure insured that any released membrane strains during the cut paths (1) 

and (2) were also taken into consideration. When the whole cutting sequence was 

cumpletd, the cut stxips were taken out of the workpan and were lefi for about three 

minutes in order to cool down to the normal room temperature. The readings of d 

the strain gauges were then recorded using the strain indicator. Figure 3.20(a), @) 

show a test in progress for section (A) and the sliced strips of the specimen after the 

test was completed. 

3.5.4 Test Results 

The measured values of the released surfàce strains for section (A) and section 

(B) are given in Tables 3.4 and 3.5, respectively. All the strain values shown are 

longitudinal surface strains, except for position (8) in Table 3.4 where the sufiace 

strains in three dieztions are reported for the second test spechen. The unreported 
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data at positions (1) and (2) in Tables 3.4 and 3.5 represent locations where strain 

gauges could not be attached. It has to be mentioned that a rneamred negative 

surfàce strain corresponds to a positive (tensile) residual surface stress, and a 

measured positive surface strain corresponds to a negative (compression) residual 

mke stress. Tables 3.4 and 3 -5 also show the ratios between the measured strains 

and the yield strains of the materials of sections (A) and (B). The yield strains were 

cdcukted Eorn the flat a r a  yield strengths presented in section 3 .Z.3 using a modulus 

of elasticity (E) equal to 203,000 MPa. The variations of the measured longitudinal 

d a c e  strains are also show in a graphitai form for one-half of sections (A) and (B) 

in Figures 3.2 1 (b) and 3.22(b), respectively. 

The results of the measured surface strains of CFS channel sections indicate 

that surface residual stresses exist in these sections due to the cold roll-forming 

operation. Tende residual stresses are found on the outside surfhce of the channel 

sections, and compression residual stresses are found on the inside surface of the 

channel sections. This behaviour is consistent Wifh ail the tested specirnens of 

sections (A) and (B). The magnitudes of the surface residuai stresses, which 

corresponds to the magnitudes of the released strains, very across the same section. 

The variation of the ratio between the measured strains and the yield strain of the 

Mtenal ranges between 2% and 72% for section (A), and between 5% and 45% for 

section (B). The major effeds of the forrning operation, at the location of the highest 

magnitudes of residual stresses, is found at the web area next to the curved corner 
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@osiîion 6) for all the tested specimens. The lip a m  (position 1) and the flange-lip 

corner area (position 2) dso show relativety high mgnitudes of residual stresses. The 

web-flange corner area (position 5) shows low magnitudes of residual stresses 

compared to the flange-lip corner area (position 2). This behaviour may be attnbuted 

to the forrning technique and the arrangement of the fomllng roiis. Unfortunately, 

mformation about the achial forming technique and the arrangement ofrolls used by 

the manufachuer is not availab1e. The rninor effêcts of the forming operation is found 

at the flanges of the sections (positions 3 and 4) for aîi the tested sections. 

An important phenomenon observed from the test results is that the 

magnitudes of longitudinal residual stresses on the outside surface of a section at 

e v q  location are very close to the corresponding magnitudes on the inside surface, 

however with an opposite sign. The sarne phenomenon was observed in the tests 

performed by Weng and Pekoz (1990). Also, the theoretical residual stress model, 

presented by Alexander (1959) and Korol (1971), concluded that the longitudinal 

residual stress distribution through the thickness of a curved profile reverses sign 

through the thickness, and has a zero magnitude at the centre line of the profile (see 

Figure 1.4 of Chapter One). 

The residual stresses in both the longitudinal and transverse directions were 

investigated in the m e n t  study at one location on the web plate of section (A). The 

principal strains at this location were cafculated using stress andysis procedures 

@dy and Riley, 1978) and were found to be -286.5 p e  and +l3.5 pe, respectively. 
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It can be noticed that the Merence between the fkst principal strain and the recorded 

longitudinal strain (-284 pe) is less than 1%. This suggests that the longitudinal 

direction of a CFS section is the principal residual stress direction. The longitudinal 

residual stress (FJ and the transverse residual stress (FJ at the same location can be 

calculated, for a plane stress condition, as follows : 

where (E), equal to 203,000 MPa, is the modulus of elasticity, and (v), equal to 0.3, 

is Poisson's ratio of steel, (q and 6ZJ are the longitudinal and the transverse strains, 

respectively. The ratio between the longitudinal residual stress and the yield strength 

(Fd 1 IF,) at this location equals to 0.163, which is within 10% higher than the ratio of 

(e, 1 ey) at the same location (0.150). This suggests that the ratio between the 

longitudinal strain and the yield strain cari be used to represent the magnitude of 

longitudinal residual stress compared to the yield strength of the matenal. 

3.6 Mode1 for the Residual Stress Distribution 

The current results of the residual stress tests, and also the results given by 

Weng and Pekoz (1990), show that signifiuuit longitudinal residuai stresses exist at 

and around the corner areas of the channel sections. The results also indicate that 
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the magnitudes of the residual stresses depend on the steel grade and the web width 

of the section. Based on these results, the iddzed longitudinal residual stress 

distributions for section (A) (Grade D steel) and section (B) (Grade A steel) may be 

as shown in Figures 3 Z(a)  and 3 Z@), respectively. It is found that a ratio (F, / F,,) 

equal to 40% for the corner zone (which is defined in section 3.3) represents the 

average of the residual stresses in this zone for all the test specimens in the current 

study. This ratio is les uian the ratio of 50% suggested by Weng and Pekoz (1990). 

For the flat zone, an average ratio (Fd / Fy) equal to 12% is found to represent the flat 

areas of d o n  (A) (which has a total width of203 mm), and an average ratio (F, IF,) 

equal to 18% is found to represent the flat areas of section (B) (which has a total 

width of 101.5 mm). These ratios indicate that the cold work, and consequently the 

longitudinal residual stresses, tend to inaease on the flat areas of shaiiow (short web) 

sections. The effect of the cold work on the flat areas wiii also increase with the 

iricrease of the Uiside corner bending radius (r) of the section. Hence, it is suggested 

that the ratio (F, / F,) in the flat zone of any roll-formed channel section can be 

assurned based on the overall web width (w') and the inside corner bending radius (r). 

The following simple fonnulae can be used to detennine the longitudinal residual 

stress ratio (F, 1 F,) for the comer zone and the flat zone of CFS channel sections: 



102 

CF, / F,) corner zone = 0.4 

w ' ( '  / F,) flat zone = 0.4 - 0.005 (-) 
r 

where CF,) is the measured (or specified) yield strength of the section. 

Due to the lack of the magnitudes and directions of the residual stress data 

through the thickness of CFS sections, the longitudinal residuai stress distribution 

through the thickness of CFS channel d o n s  is assumed lînear, with a zero 

magnitude at the centre line, for the corner and flat zones of the section. A tensile 

residual stress is assumed on the outside surface, and equal compression residuai 

stress is assumed on the inside surface at the same location. This longitudinal residual 

stress distribution through the thickness is similar to the distribution proposed by 

Weng and Pekoz (1990). 

3.7 Summary 

The results of 41 tensile coupon tests to evaluate the mechanicd properties 

of cold-fond steel (CFS) channel sections have been presented in this chapter. Also 

the results of four residual stress tests to establish the magnitudes and distributions 

of residual stresses within the channel sections have been presented. Both series of 

tests showed that the cold bending operation alters the virgin material properties of 

the steel sheet. The major changes of the material properties were found at and 

around the d o n s  corners as a result ofthe large plastic deformations at these areas. 
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The tende coupon tests showed that a considerable increase in the yield and 

ultimate strengths occur at the comer areas of CFS channel section. The increase in 

the yield and ultimate strengths at areas adjacent to the corners were not as high as 

for the corner areas, but generaily higher than flat parts. It was also noticed that the 

percentage increase in the yield strength at the comer areas hcreases with higher 

values of the specified yield strength. Anaiytical rnodels for the distribution of yield 

strength and the stress-strain relationship across channel sections have been developed 

based on the observations of the tende coupon tests. The models propose that 

channel sections be divided into two zones, with each zone be assigned appropriate 

yield strength and stress-strain relationship. 

The residual stress tests were performed using the method of Electrical 

Discharge Machining. The tests showed that tensile residual stresses exist on the 

outside surfaces of CFS channel sections, and equivalent compression residual 

stresses exist on the inside surfaces of the sections. It was found that the magnitudes 

of residual stresses depend on the yield strength and the web width of the section. 

The tests also indicated that residud stresses in the longitudinal direction of the 

charme1 section are the main residual stresses due to the cold bending operation. An 

Analytical model for the distribution of longitudinal residual stresses across CFS 

channel sections have been presented based on the current test results. 



Table 3.1 Mechanicai properties of tende coupons for section (A) 
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F, is the 0.01% offset strength. 
Fy is the 0.2% offset strength. 
' G represents gradua1 yielding. 

Total elongation at fracture. 



Table 3.2 Mechanical properties of tende coupons for section (B) - 
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F, is the 0.01% offset strength for graduai yieldig materiaîs. 
Fy is the 0.2% offset strength for gradual yielding materials and the 

yield stress for sharp yielding materiais. 
' S represents sharp yielding, G represents gradual yielding, and 
N represents non-defined shape of yielding. 

Total elongation at fracture. 
' The Bat properties are considered that of position B-8. 



Table 3.3 Cornparison of the increase in comer yield strength 

of roll-formed sections 

AF, / F, AF, / F, 

(corner area) (corner zone) 

Section k e n  Lind 
Test Test 

(5143 

Eq. 3.1 Eq. 3.2 
resuits results 

(a) Cwrent shidy 

@) Karren and Winter (1967) 

' Measured yield strength in MPa. 



Table 3.4 Measured released surf'ace strains for section (A) 

1 Surface strain (pQ (eV = 1898 pe) 1 

' Refer to Figure 3.2 1 (a) 



Table 3.5 Measured released surface strains for section (B) 

Measured 

position ' 

1 
r 

2 
I 

3 
I 

4 
L 

5 

6 
I 

7 NIA 

I 

9 

9 

S u b  strain (pe) = 1567 pe) 

NIA 1 -388 

Outside surface 

-0.161 1 +258 1 0.165 1 N/A 1 NIA 1 

Inside surface 

' Refer to Figure 3.22(a) 

Defective strain gauge during the cutting process 



Figure 3.1 Positions of temile coupons for sections (A) and (B) 

Figure 3.2 Tende coupons for sections (A) and (B) after failure 



Figure 3.3 Stress-strain c w e s  of tende coupons for section (A) 
(Specirnens A-4, A-8, and A-9) 



Figure 3.4 Stress-strain curves of ensile coupons for section (A) 
(Specimens A- 1 and A-7) 



Spec. A-2 

Figure 3.5 Stress-strain curves of tende coupons for section (A) 
(Specimens A-2 and A-5) 



Figure 3.6 Stress-strain c w e s  of tende coupons for section (A) 
(Specimens A-3 and Ab) 



Min. Specified (Fy) = 345 MPa 
S ymm. Line 

I 

1 1 1 1 1 1 1 1 1  1 1 l 1 1 1 1 1 1 1  

1 2 3  4 5 6 7  8 9 
Position of Tensilc Coupon 

Figure 3.7 Variation of the yield and ultimate strengths across section (A) 





Figure 3.9 Stress-strain curves of tende coupons for section (B) 
(Specimens B-2 and B-4) 



Figure 3.10 Stress-strain curves of tensile coupons for section (B) 
(Specimens B-3 and B-6) 



Figure 3.1 1 Stress-strain c w e s  of tensile coupons for section (B) 
(Specimen B-5) 



Figure 3.12 Stress-strain c w e s  of tensile coupons for section (B) 
(Specimen B-7) 
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I 
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Yield Strength (Fy) a 
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Position of TensiIt Coupon 

Figure 3.13 Variation of the yield and ultimate strengths across section (ES) 



Figui.t 3.14 Definition of flat and corner zones of a lipped channcl section 

Zone (C=comer, F=flat) 
(a) Sec. (A) - Grade D Steel 

0.9 . I I 1 I a a 1 I I 1 1 

C C C  F C C C  F 
Zone (Gcamer, F=flat) 

@) Sec. (B) - Grade A Steel 

Figure 3.15 Measured and idealized yield strength 
for channel sections of Grades D and A steels 



Figure 3.16 Ideaiized stress-strain relationship for cold-fomed steel 

O.C. POWEII SUCPLI 

I 
Figure 3.17 Schematic diagram of an EDM system (Weiier and Haavisto, 1984) 



(a) Positions of sûain gauges at mid-Length of the test spcciwn 

rd- 

(b) Cutting sequmcc ushg tht EDM metbod 

Figure 3.18 Positions of strain gauges for residual strains 
and cutting sequence for section (A) 



(a) Positions of sirah gauges at mid-lcngth of the test specimen 
7s mm 
H 

(b) Cutting sequence using the EDM metbod 

Figure 3.19 Positions of strain gauges for residual strains 
and cutting sequence for section (B) 



(a) Specimen durina the cuttina o~eration 

@) Specimen afler the test 

Figure 3.20 Residual stress test specimen of section (A) 



I I 

(a) Measurtd positions on the test rpccimcn 
(+ repmmts outside gauge O*) 

Outside surface I 

I 

- Test Spec. (2) ' 

(b) Outside and Inside strain distributions 

Figure 3.21 MeasUrcd longitudinal surface strains for section (A) 



(a) M d  positions on the test spccimen 
(* repfcsents outside page O*) 

I 

Outside surface @ 

CI 

- - - - - * - . - . - - - - - - - - O  

1 1 n b a I b I I R 1 I I 1 

1 2  3 4 5 6  7 
Measured Positions 

(b) Outside and inside strain distributions 

Figure 3.22 M e a s d  longitudinal surface strains for section (B) 



(a) Sec. (A) - Grade D Steel 

Fy (flat) = 3 18 MPa I 
Symm. Line 

Outside surface I 

d I 

. - - - - - -  . - - - F l a n g e  - - -  . - - , -  - - - - - -  Half Web - - 4- 
a t 

Inside surface 

I I I I I 1 I I I I I 1 I I 

C C F C C C  F 
Zonc (Womer, F4at)  

(b) Sec. (B) - Grade A Steel 

Figure 3.23 Measured and idealized residual stresses 
for channel sections of Gradts D and A steels 



CBAPTER 4 

LOCAL BUCKLING MODELLXNG AND EXPERIMENTAL 

VERLFICATION OF MEMBERS IN COMPRESSION 

4.1 Introduction 

A finite element-bd analytical model has been developed in the &st part of 

this chapter to predict the local buckling and the post-local buckiing behaviour of 

cold-formed steel (CFS) members in axial compression. The finite element mode1 

utilizes the 9-node assumed strain isoparametric shell finite element presented in 

Chapter Two to represent the body of CFS sections. The shell finite element includes 

both geometric and material non-linearities, so that local buckling behaviour and 

ultirnate strength of CFS members can be conectly predicted. The finite element 

model is also capable of simulahg different material properties, geometric 

imperfections, and residual stresses, which result due to the cold-fonning operation. 

nie model is flexible enough to accommodate different shapes of perforations within 

the CFS members. 

The second part of this chapter presents an experimental study which includes 

a series of 20 CFS ab-column tests. The series had four non-perforated spechens 

and 16 peforated specimens having Mirent shapes of perforation. The stub-colum 

tests were primarily performed to ver@ the results of the proposed finite element 
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model. Moreover, the tests were also used to investigate the effects of perforation 

on the deformation behaviour, buckling loads, ultimate loads, and stress behaviour of 

CFS members in compression. 

4.2 Modelling Requirements for Members in Compression 

In order to use the finite element method to study the local buckling and post- 

local buckluig behaviour of wld-fonned steel (CFS) members in compression, specifx 

requirements have to be satisfied in both rnodeliing and loading of CFS sections. 

Cold-formed steel structural sections are generally composed of flat flanges, 

webs, lips and rounded intersection corners. The wide thickness range of CFS 

sections puts these sections in a category of very thin to moderately thick sections. As 

a result, the finite element chosen to model CFS sections should be able to rnodel flat 

surfaces as weii as smooth curved surfaces. The finite element should also be able to 

represent both thin and moderately thick structures. The 9-node assumed strain 

isoparametric shell finite element, presented in Chapter T ~ O ,  satisfies the requirement 

of representing flat and curved surfaces, as the element is isoparametric and defined 

locally in cuvilinear coordinates. The finite element also satisfies the requirement of 

representing a wide thickness range by using the "assumed strain fields" method to 

eliminate the locking phenornenon associated with the anaiysis of very thin shells. 

Large out-of-plane defunnafions u d y  occur in the post-local buckling range 

of relatively thin CFS compression members. This behaviour results in local bending 
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stresses as weil as membrane stresses in the buckled plates. Therefore, the finite 

element chosen to model CFS sections should be able to represent both membrane 

behaviour and f l e d  behaviour, and should accommodate large displacements and 

rotations. The isoparametric sheli finite element, introduced in Chapter Two, is a 

large deformation element as its displacement formulation takes into consideration 

geometric non-hearity. The element can represent membrane and flemral behaviour 

by having a stress field of five stress components, in the fom of three in-plane stresses 

and two transverse shear stresses. 

Cold-formed steel compression members may buckie in a locd mode, an 

overaii mode, or an interaction of locd and overaii modes. As the current study is 

interested in local buckling only, it was requueû to eüminate completely the overall 

member buckling. The American LRFD Specification (AISI, 1991) indicates that in 

order to eliminate the overall buckling mode in an experiment of a compression 

member, the length of t he member should be lirnited to 20 times the minimum radius 

of gyration (20 r d  of the cross section. Although this condition can dso be applied 

to a finite element analysis model, the overaii buckbng mode can also be eliminated 

by controllhg the lateral deformations of the compression member. As will be 

presented in the next section, a combiation of the two ways to eliminate the overali 

buckling mode was used in the current finite element model. 

Lateral imperfections are generaiîy required to initiate the locd buckling mode 

in the finite element analysis of compression members. These imperfections may be 
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in the fom of a smaii lateral load at a central point of the member, or in the form of 

a geometnc imperféction distniution of the mernber shape. A geometric imperfection 

distribution was used in the current h i t e  element model to avoid the effects of a 

laterd load on the ultimate strength of the compression member. Moreover, a 

geometric imperfeaion distribution was found easy to generate for different plates 

composing the compression rnember. 

Concentric compression members are usually loaded through bearing plates, 

which provide d o m  displacements over the loading edge of the member. The finite 

element mode1 was requùed to satise that the loading edge of the compression 

member is kept flat throughout the analysis history. A uniform axial load condition 

and a d o m  &ai displacement condition at the loading edge are expected to satisfy 

the requirernent pnor to the local buckiing of individual plate elements of the mernber. 

However as local buckling develops, a uniform axial load condition will no longer 

satis@ the flat edge requiremenf and the analysis has to be continued using a uniform 

axial displacernent condition. As will be explained later when describing the loading 

technique, a d o m  axial displacement condition was employed in the current finite 

element model throughout the analysis. 

4.3 The Finite Element Mode1 

4.3.1 Mesh Selection and Boundary Conditions 

Stubalumns of channel sections were considered in the current finite element 
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study to represent cold-formed steel (CFS) members in compression. The length of 

the shib-column should be short enough to eliminate the overd buckiing mode of the 

column. The condition that the length should not exceed (20 r,,,,J of the cross section 

was not possible to satisQ for every study case. It was found out that when applying 

the above condition to channel sections with short fimges, it results in a short length 

of the stub-column that can not accommodate the desired height of perforation. 

Hence, it was decided to use a stub-column length equal to three times the web width 

of the cross section to study cases where (20 r d  of the cross section is less than 

three tirnes the web width. This length was considered suitable to accommodate 

dinerent heights of perfioration, and to aiiow local buckling mode to propagate in the 

longitudinal direction of the stub-column. The overd buckiing mode of all the study 

cases was eliminated by locking the out-of-plane displacement of discrete edge nodes 

of the web plate of the section. 

Due to the symmetry of the geometry and the loading conditions of the stub- 

columns, only one quarter of every stub-column was modeîled using the assumed 

strain sheU f i t e  element as shown in Figure 4.l(a). The width of the lip plate and 

each curved corner was modelied using one shell h i t e  element. The isoparametric 

quadratic curvature of the shell elernent fitted weli with the geometry of the curved 

corners of the channef CFS section. The width of the flange plate was divided into 

three shell elements. Seven shell finite elements were used in the height direction of 

the flange and lip plates of the one quarter stub-column. This discretizations was 
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deerned to be d c i e n t  to provide reasonable accuracy for the finite element results, 

due to the quadratic displacement field of the shell finite element and the limited 

deformafions acpected to o«~ir in the flange and lip plates. The discretization of the 

web plate was finer than that for other plates of the stub-column as large defomtions 

were expected to occur in the web plate foilowing the initiation of local buckling. 

A centrai web pedoration was usuaily introduced in the finite element model by 

providing an equivaient quarter area to be free of finite elements, as shown in Figure 

4.l(b). The sides of the perforation were considered to be free edges. Seven shell 

finite elements were considered to represent halfthe width and height of the web plate 

in the one quarter stub wlurnn, away fiom the perforation. However, the number of 

shell finite elements in the width and height directions of the web plate was increased 

adjacent to the perforation, according to the dimensions of the perforation itself. 

Figure 4.1@) shows a sarnple finite element discretizations of the web plate around 

the perforation. 

The normal vectors at the nodal points of the shell finite elements were not an 

input for the program. Instead, the program generated these normal vectors at each 

node. In the evaluation of the stitniess mat* and load vector of each element, a 

3x3~3 Gauss Quadrature integration scheme was used in the mid-surface plane and 

through the thickness direction. The order of the integration scheme was enough to 

integrate ewaly the elastic matrices of the 9-node shel finite element (Bathe, 1982). 

The largest total number of sheli finite elements analyzed for a model of one quarter 
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CFS stu&coIumn was 108 elements. The corresponding total number of nodai points 

was 594 nodes. 

Symmetric boundary conditions were imposed at the symmetxy lines of the 

quarter stub-colurnn as shown in Figure 4.l(a). The symmetry lines indicated in the 

figure were assumed to have zero rotations around the centre lines, and zero in-plane 

displacements across the centre lines. Sùnply supported conditions were assumed a t  

the bottom loaded edge of the stub-column. Therefore, this edge was assumed to 

have fiee displacement along the Ydirection and fiee outsf-plane rotations, but zero 

displacements along the X and 2-directions. 

4.3.2 Material Pro perties 

The results of the tensile coupon tests of cold-forrned steel (CFS) sections, 

presented in Chapter Three, indicated that cold-formed steel materiai exhibits a 

graduai yielding behaviour, rather than a sharp yielding behaviour, and a considerable 

range of strain hardening. The results also Uidicated that a significant increase in the 

yield strength (F,,) occur at and around the corner areas of CFS sections. As a result 

of these observations, appropriate models for the stress-strain relationship and the 

distribution of yield strength across CFS channel sections were developed in Chapter 

Three. The developed stress-strain relationship represents an idealized elasto-plastic 

multi-linear strain hardening mode1 to account for the graâual yieldig and the strain 

hardening phenomena of CFS material. The developed yield strength distribution 
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represents an ideatized non-uniforni distribution model to account for the increased 

yield strength at the corner zones of CFS sections. The models were described in 

detail in Sections 3.3 and 3.4 of Chapter Three. The developed stress-strain 

relationship was incorporated in the current finite elernent analysis as a part of the 

elasto-plastic strain hardening model presented in section 2.2.4 of Chapter Two. 

Also, the developed yield strength distribution was incorporated in the finite element 

analysis by assignhg appropriate yield strength values for the sheU finite elements 

across the one quarter stubcolumn. These appropriate yield strength values followed 

the develo ped non-unifo mi yield strength distribution. 

The assurned properiies of CFS material for the finite element analysis were 

as foilows: modulus of elasticity (E) of 203,000 MPa, two tangent moduli &, and 
l&J of 100,000 MPa and 20,000 MPa representing the gradual yielding, tangent 

modulus of 1,000 MPa representing the strain hardening, and Poisson's ratio (v) 

of 0.3. IIBerent values of the yield strength (F,,) could be utiliwd in the finite element 

analysis according to the measured, or specified, yield strength of the CFS section. 

4.3.3 Loading Technique 

The co ld - fod  steel (CFS) stub-column was required to be centrally loaded 

to eliminate the eifécts of any eccentricity on the resulting deformations and stresses. 

Therefore, uniforrn compressive line loading was applied at the loabg  edge of the 

CFS stub-colm. The modehg requirement of having the loading edge of the stub- 
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c01wnn fiat and straight throughout the analysis was satisfied by employing a uniform 

axial displacernent condition. This uniforni displacement condition was achieved by 

applying the compressive loading through rigid plate elements, which were attached 

to the loading edge as shown in Figure 4.2. The ngid plate elements were restricted 

to undergo axial longitudinal displacement only in the Y-direction. The interface 

between the rigid loadhg plate elements and the loaded edge of the stub-column was 

modelled using short ngid truss elements. The out-of-plane rotations at the nodal 

points of these tmss elements were fked at the side of the ngid plate elements and 

kept fiee at the edge side of the stub-colurnn. This would mean then, the nodal points 

at the loaded edge of the stub-column were kept under the condition of uniform 

displacement throughout the analysis by ushg the proposed loading system of ngid 

plate and truss elements. However, the distribution of load over the loaded edge of 

the CFS member was not necessarily uniforni and could take any shape depending on 

the level of loading. 

In fact, the proposed loading system simulates the case of having a bearing 

plate welded to the loaded edge of the stubtolurnn. The bearing plate would keep 

the whole loaded edge at the sarne magnitude of axial displacement at any load level, 

but may distribute the load in a non-uniform sense. The bearing plate would also 

allow the loaded edge to rotate fieely in the out-of-plane direction. 



4.3.4 imperfections 

4.3.4.1 Geometric Imperfections 

The application of geometric unperfièctions in the fmite elqent model of cold- 

fomed steel (CFS) compression members was required to initiate the local buckling 

mode of individual plate panels of the cross section. Although a local imperfection 

distnbution may not have a gmit effect on the ultimate load of the member, it was 

found, fiom the current finite element study, that geometric imperfections have 

signincant effects on the defonnation behaviour up to the ultimate load. 

Hancock (1981) suggested that the distribution of local plate imperfections in 

a CFS column may be assumed sirnilar to the expected local buckhg shape of the 

plate. The expected local buckling shape of a compression plate is a haif wave in the 

transverse direction and a series of longitudinal waves, with half-wave lengths 

approxhately quai to the plate width, in the longitudinal direction. For CFS lipped 

charnel sections, which are composed of relativeiy deep webs co~ected  to short 

flanges, numencal trials on channel stub-columns showeà that the longinidinai half- 

wave length of the web plate is less than its width and is approximately equal to the 

average width of the web and the Dange plates. Therefore, a double sine-wave 

distnbution was used in the current finite element model for the geometric 

imperfktion shape of the web plate of CFS channel stub-columns. The imperfectio~ 

distnbution (6) in the transverse and the longitudinal directions is: 



n x * Y a =&06in ( - )  oin ( y )  
W W 

where (63 is the imperfection amplitude at the central point of the web plate, (w) is 

the width of the web plate, and (G ) is the average width of the web and flange plates. 

The imperfection distriiution is as shown in Figure 4.3. This form of distribution was 

used extensively by many researchers in the past to study imperfect compression steel 

plates (Korol and Sherboume, 1972, Narayanan and Chow, 1984). 

Kwon and Hancock (1991) investigated the magnitude of the imperfection 

amplitude (63 on CFS channel sections. Amplitudes fiom 0.4 mm to 1.5 mm were 

measured for the web and fiange plates of the channel sections. The examined 

sections had a web plate width of 120 mm, a flange plate width of 90 mm, an overall 

thickness of 1.1 mm, and a yield strength (5) of 590 MPa. The imperfection 

distniutions were also noticed to have a waw-like shape on both sides of the straight 

plane of the plate. The British Steel Design Code suggests the use of the followùig 

formula as an upper limit for the imperfection amplitude (83 of compression steel 

plates (Narayanan and Chow, 1984): 

This formula gives the imperfiion amplitude (63 as a ratio of the plate thickness (t). 

The ratio (&,/t) is a ninaion of the slendemess ratio (w/t) and the matenal properties 
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(E and F,,) of the plate. By comparing the experimental measurements of Kwon and 

Hancock (1991) to the predictions of Equation 4.2, the equation was found to predict 

reasonable limits for imperféction amplitudes. Hence, as Equation 4.2 gives an upper 

limit for the imperfidon amplitude, a value of (6Jt) equal to half the value predicted 

by Equation 4.2 was used in the current finite element model to obtain the amplitude 

, (a0) of the web plate of CFS stub-colurnns. 

SVnilar imperfection distributions were not generated for the £lange and lip 

plates of CFS lipped channel sections. The reason was that the short width of these 

plates usually makes the initiation of local buckling mode to occur in the web plate. 

However, the inte& of the channel section was maintained in the finite element 

model by keeping the nght angle at the intersection of dflerent plates of the section 

as shown in Figure 4.3. 

4.3.4.2 Residual Stresses 

The results of the residual stress tests of cold-formed steel (CFS) sections, 

presented in Chapter Three, showed that tensiie residual stresses exist on the outside 

surfaces of CFS channel sections, and equivalent compression stresses exist on the 

inside surfaces of the sections. The results also showed that residual stresses in the 

longitudinal direction are the main residual stresses in the sections. A longitudinal 

residual stress d i s t n i o n  mode1 was developed in Chapter Three based on the above 

observations. The proposed model represents a non-unifonn distribution of 
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longitudinal residual stresses across a channel section, and a ünear distribution 

through the thickness. The model was desaibed in detail in section 3.6 of Chapter 

Three. 

The developed longitudinal residual stress distribution was employed in the 

current finite element analysis. The residual stress distribution satisfied both force and 

moment equiliirium requirements within the finite element model. Residual stresses 

were treated as initial applied stresses within each sheN elernent of the finite element 

model. The residual stress values were appiied directly at the 3 x 3 ~ 3  Gaussian 

integration points for each shell element. As a linear variation was assumed for 

residual stresses through the thickness of CFS sections, the two surface sets of 

integration points of each shell finite element were assigned equal, but opposite, 

values of residual stresses. The mid-plane set of integration points had zero residual 

stresses. Figure 4.4 shows the integration points and the distribution of longitudinal 

residual stresses for a typical shell element. The resulting residual stress vector (ao) 

for each sheil finite elernent was transformed into an initial load vector (G), which 

contnbutes tu the equiiibrium equations, as follows : 

where [Bo] is the linear strain-displacement matrix of the sheiî finite element. 
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4.3.5 Method of Anaiysis 

The general solution technique for the large deformation elasto-plastic finite 

elernent analysis was described in seaion 2.5.1 of Chapter Two. However, this 

section is concerneci with the particular method of analysis employed for cold-formed 

steel (CFS) members in compression. 

A cold-formed steel stub-column was subjected to Uicremental uniforni axial 

displacements over the loadmg edge. A constant axial displacement increment was 

chosen in the range of 5% of the displacement corresponding to the expected ultirnate 

load of the mib-colurnn. This displacement increment aliowed the ultimate load to 

be reached in about 20 solution steps. A displacement control algorithm was included 

in the generai finite element program, and used to perform the incremental analysis. 

The algorithm is based on the unified constraint procedure, which enables different 

control methods to be implemented accordiig to the definition of the control 

parameters (Kanok-Nukulchai, 1990). A description of the unified constraint 

algorithm and its use to solve a set of equilibrium equations of a discrete hite 

element systern is presented in Appendix C. The displacement control aigorithm 

allowed the incrementation of the axial displacement at one control node within the 

finite element mesh. This control node was se1ected at the edge of the CFS stub- 

column. According to the loading technique descnbed in Section 4.3.3, the utilized 

ngid plate elements at the edge of the stub-column maintaineci all the edge nodes at 

the sarne axial displacement value for every solution step. 
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A displacement convergence criterion was used, as discussed in section 2.5.1 

of Chapter Two, to accept the solution at the end of each solution step of the 

nonlinear finite element analysis. The criterion required that the displacement 

increments resulting from a solution iteration to be within a prescribed tolerance of 

the total displacement increments for that particular solution step. The prescribed 

tolerance was set to 0.01 in the m e n t  anaiysis. The solution for each displacement 

step generdy needed three to six iterations to mach that prescribed tolerance. 

The solution of the governing equilibrium equations resulted in the load 

intensity at loadkupport nodes, and the displacement vector at other nodes for each 

solution step. The incrementation of axial displacements was continued until the load 

intensity started to decrease, which indicated that the ultimate load of the shib-column 

has been reached. The use of the displacement control algorithm enabled the finite 

element anaiysis to extend beyond the ultimate load, where the load capacity 

decreases while axial displacements increase. This gave the current solution the 

advantages of: [a] predicting the magnitude of the ultimate load precisely, and [b] 

predicting the descending load-defomtion behaviour @ost-ultimate behaviour) of 

the stub-colurnn. 

Before proceeding W e r  with the anaiysis of CFS members in compression, 

the accuracy and the efficiency of the developed finite element mode1 was verified 

using experimental results of stub-column tests. The foiiowing section presents the 

setup and procedure of the stub-colurnn tests, and the next section presents the test 
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results and the cornparison with the finite element results. 

4.4 Stub-Column Tests 

A set of 20 non-perforated and perforated stub-column tests were performed 

in order to ve* the results of the finite element mode1 for cold-fonned steel (CFS) 

channe1 sections in compression. Two dinerent zinc-coated lipped channe1 sections 

of steel Grade A 446/A 446M (ASTM, 1994a) were used in the study. The first 

section (Sec. A) was 203 mm (8 in.) deep, Grade D steel (345 MPa), and the second 

section (Sec. B) was 101.5 mm (4 in.) deep, Grade A steel (228 MPa). The two 

sections used in the stub-column tests were the same sections used for the material 

properties study presented in Chapter Three. The measured flat material yield 

strength for sections (A) and (B) were 385 MPa and 3 19 MPa, respectively. 

nie measured fiat widths of the piate elements of the test sections (A) and (B) 

(w, w,, and w, as shown in Figure 4.5) and their base rnetal thickness (t) are given in 

Table 4.1. The minimum base metai thickness for a section was obtained by excluding 

the average thickness of the zinc coating layer. The thickness of the coating layer was 

determined using the provision A 90/A 90M of the American testing standards 

(ASTN 1994~). The average thickness of the zinc coating layer was found to be 

0.04 mm and 0.03 1 mm for sections (A) and (B), respectively. 
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4.4.1 Preparation of  Stub-Column Specimens 

The non-perforated and perforated stub-colurnns were cut to the specified 

lengths as shown in Table 4.2. The length of the non-perforated stub-columns was 

fint based on three times the overall web width (3w') in some experirnental trials. It 

was found that the length had to be reduced in order to locate the fdure of the stub- 

columns at their mid-height section. Hence, the length of non-perforated stub- 

durnns in Table 4.2 represents three times the average overall width of the web and 

W. . wf' 
the flange of the cross section (3 [ ] ). The length of perforated stub- 

2 

columns was chosen to be more than that for non-perforated stub-colurnns, with an 

increase proportional to the increase of the perforation height. This was done in order 

to avoid any end loading effects on the capacity of the perforated stub-columns. 

Wood blocks were inserted into the charnel sections d u ~ g  the cutting 

process in order to prevent any sectional defodons .  The ends of the sfub-columns 

were filed and leveiied at right angle to the longitudinal axis of the column. Whenever 

needed, perforations were then machined into the webs of the stub-colurnns (except 

of oval perforations which were made by the manufacturer). The shapes and 

dimensions of pdorat~m are also given in Table 4.2. The perforation width (a) was 

selected equal to the available width of the oval perforation of the manufacturer. 

However, three other shapes of perforations (circular, square, and rectangular) were 

selected to investigaie the effects of the perforation shape and height on the ultirnate 

capacity and behaviour of the stub-coiumns. 
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Two steel beahg plates (thickness 12 mm) were centrally c o ~ e c t e d  to both 

ends of each stub-colurnn. The bearing plates were needed to distribute the load 

dor rn iy  on both ends of the s t u h l u m n  The comection behveen the stub-column 

and the beating plates was established using the epoxy bonding material, Sikadur 3 1 

Hi-Mod Gel, provided by Sika Canada Inc. The Sikadur 3 1 Hi-Mod Gel is a two- 

component high strength structural adhesive which gains its fùli strength after three 

to seven days. This epoxy matenai was used as a replacement for welding, as the 

initial trials showed that welding heat causes substantiaf permanent darnages and 

distortions to dd-formeci steel sections. The epoxy matenal helped filling any rninor 

gaps between the specimen edges and the bearing plates, plus providing full contact 

loading on the two ends of the stub-colurnn. The zinc coating Iayer at the positions 

of the strain gauges were then removed using a 50% solution of the hydrochloric acid, 

and cleaned carefblly with fine sand paper and alcohol dution. 

4.4.2 Data Acquisition 

One of the objectives of the stub-column tests was to obtain the deformation 

behaviwr and stress distribution of individuai plate components of the specimens. In 

order to do that, six Linear Variable Displacement Transducers (LVDT) were used 

to measure the axial and lateral displacements at dserent locations of the stub- 

column. Also, electrical resistance strain gauges were mounted, according to the 

manufkturer procedure, at the mid-height level of each stub-column to monitor the 
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strain change throughout the test. Figure 4.6 shows the test setup dong with the 

locations of the displacement transducers and the strain gauges. 

As two identical specimens for each stub-column were tested, the first 

specimen had or@ four strain gauges (Gauges 1 to 4) to check the loading unifomiity 

at the eady stage of the test, as flurther explaineci in the next section . Howwer, the 

second specirnen had ten strain gauges (Gauges 1 to 10) for the sarne above- 

mentioned purpose and also to obtain the strain distribution across the section. The 

displacement transducers and the strain gauges were comected to a 40 channel data 

acquisition system, Autodata Nine 3 4  which was set to read the displacement and 

stmin data at a rate of 12 readings /min. A real time display of the load-deformation 

behaviour and the stress distribution across the test specimen was obtained by 

comecting a personal computer with a "Lab-Tech Notebook" computer software to 

the data acquisition system. 

4.4.3 Test Setup and Procedun 

The stub-column specirnens were tested in a 600-kN capacity Tinius-Olsen 

Universal Testing Mixhine. However, load ranges of 300 kN and 120 kN were used 

for the specirnens of section (A) and section (B), respectively. A 15 mm layer of 

quick setting grout was îirst placed on the bed of the testing machine and left to 

harden. The stub-colurnn specimen, with the attached bearing plates, was then 

geometncdy centred in the testing machine over the grout layer. Another 15 mm 
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grout layer was placed between the top b e h g  plate and the moving head of the 

machine. The bottom grout layers worked as a bed for the stub-column specimen, 

while the top grout layer helped to distribute the load uniformly and correct any out- 

of-parallelism ofthe ends ofthe specimen. The readings of al1 the strain gauges were 

then initialized. 

The centring of the specimen was checked by loading the stub-column 

gradually to a load of about 20% of the expected ultimate load and the reading 

differences between the four corner strain gauges were verified to be less than 10%. 

If this condition was not met, the position of the specimen was shifted and a thin layer 

of cernent powder was inserted between the top grout layer and the moving machine 

head to redistribute the load. When the four corner r&gs were within 1 0% of each 

others, the specimen was unloaded to a smail load (about 1 kN) and the displacement 

transducers were attached to it. Aii the readings were then initiaiized in order to start 

the test. 

The test was conducted at a continuous displacement rate of 0.038 mmhn.h. 

(0.0015 inlmin.) up to the ultimate load ofthe stubi.x,Iumn. At a load of about 5 kN, 

steel wedges were inserted between the moving head and the h e  of the testing 

machine to prevent the rotation of the moving head, which may occur when the 

specimen starts to locally buckle. Loading was continued at the constant 

displacement rate until the specimen failed and the load starteci to drop. The 

displacement rate was then increased to 0.076 rnm/min. (0.003 in./min.), and the test 
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was conhueci untü the load dropped to about halfthe fdure load in order to rnagniQ 

the fdure shape. 

Figure 4.7 shows a typical stub-column specirnen of section (A) with an ovai 

perforation. The figure shows the stub-colurnn specirnen with the attached strain 

gauges and displacement transducers before testing and f i e r  failure inside the testing 

machine. Figure 4.8 shows the r d  time display of the load-axial displacement and 

the load-lateral displacement rdationships on the cornputer screen. Numericai values 

of the machine axial load and the readings of dEerent strain gauges were also shown 

on the screen during the test. Figure 4.9 shows eight test specimens of sections (A) 

and (B) der  failure. It can be noticed in the figure that local bucklig and complete 

fidure of the perforated specirnens occu~ed generaüy at the perforation location, and 

at the mid-height section of the specimens. The non-perforated specimens were 

noticed to have local buckling to start at the mid-height section, however, complete 

failure of the specimens was sometimes shifted marginaiiy from that Md-height 

section. 

4.5 Test Results and Cornparison with Fiaite Element Results 

The readings of the two axial displacernent transducers were averaged to 

obtain one set of axial displacement readings for each stub-column test. The sarne 

procedure was dso done for the two lateral web displacement transducers around the 

perforation. The two axial displacement reading sets were nonnally found sirnilar 
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without signifiant diierences. However, the two lateral web displacement reading 

sets of section (B) Specunens were sometimes found to be difEerent as failure around 

the perforation was not symmetric (specimens B-S2, B-01, BORI, and B-R2). 

Nevertheless, the displacement readings were also averaged for such cases. 

Fuite el- models representing the ten dif5erent test cases of mb-column 

specimens were analyzed. The exact lengths and dimensions of the specimens were 

used in the nnite elernent models. The modehg techniques for boundary conditions, 

material properties, imperfections, loading, and method of aaiysis were described 

earlier in section 4.3. The yield strength (5) of the stub-column specimens was used 

according to the measured values Iiom the tensile coupon tests presented in Chapter 

Three (385 MPa for section (A) and 3 19 MPa for section (B)). The increased yield 

strength (F;3 at the corner zones of the stub-columns was calculated as 464 MPa for 

the @,,) of 385 MPa, and 358 MPa for the (5) of 3 19 MPa, accordmg to Equation 

3.3. The calculations are based on a measured ratio of the ultirnate tensile strength 

to the yield strength (Fu / Fy) of 1.23 for section (A) and 1.13 for section (B). 

The shape of the stub-column specimens after failure indicated that the epoxy 

material, which was used to connect the bearing plates to the stub-columns, 

rninirnized the out-of-plane rotations at the stub-column edges. The applied epoxy 

layer was thick enough to fasten the plates to the stub-column edges and minimize 

these rotations. Therefore, this situation was simulated in the finite element mode1 by 

locking the out-of-plane rotational degreessf-fieedom between the loaded edge of 
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the stub-co1umns and the rigid loading truss elements. Hence, the loading system of 

the hi te  elernent model, which consists of the rigid plate and truss elements, irnposed 

a unifonn displacement condition and prevented the out-of-plane rotations at the 

loading edge of the stub-columns. 

4.5.1 Deformation Behaviour 

The deformation behawiour of the stub-column specimens is shown in Figures 

4.10 through 4.13. The deformations predicted by the finite element analysis are also 

shown in the same figures. Figures 4.10(a) to (0 show the load-axial displacement 

behaviour, the load-lateral web displacement behaviour, and the load-lateral fiange 

displacement behaviour for section (A). Figures 4.1 1 (a) and (b) show the load-axial 

strain behaviour for section (A). Figures 4.12(a) to (f) and 4.13(a) and (b) show the 

same above mentioned behaviour, but for section (B). 

4.5.1.1 Axial Displacement 

The twO identical specimens of each stub-colurnn test resulted in a consistent 

&ai displacement behaviour as shown in Figures 4.10 and 4.12 for sections (A) and 

(B), respectively. The finite element analysis also predicted a consistent behaviour 

with the test specimens throughout the full loading range, including the post-ultimate 

range where the load started to drop. The total magnitudes of axial displacement 

experienced by the stubcolumn specimefls of section (A) were as much as double the 
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wctesponding magnitudes ofthe spcimens of section (B). This is due to the fact that 

the specimens of section (A) are longer, and aduied more lateral displacements than 

the specimens of section (B). 

A cornparison between the behaviour of the non-perforated specimens 

(marked D) and the specimens with circuiar and square perforation (marked C and S), 

for both sections (A) and (B), show a reduction in the stifiess of the pefiorated 

specimens. This stifhess reduction is demonstrated by a drop in the initial slope of 

the load-displacement curve. The reduction in the stifhess associated with the 

specimens with o d  and rectangular paforation (marked O and R) is higher than that 

for specimens with circular and square perforation. This indicates that not only the 

width of penoration is a main &or in reducing the stifhess of the stub-columns, but 

also the height of perforation is another factor in reducing that stitniess. 

4.5.1.2 Lateral Web and Fiange Displacement 

The lateral web displacernent was recorded at two dEerent positions of the 

stub-columns; the central point of the web (or the side of perforation) at the rnid- 

height section, and the quarter-height point fiom the top end. The load-lateral 

displacement behaviour at the two positions is plotted on the same figure for each of 

the stub-column test cases. This behaviour is shown in Figure 4.10 for section (A) 

and Figure 4.12 for section (B). It can be noticed fiom the figures that, in some 

cases, the laterai displacement behaviour of the two identical stub-column specimens 
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is not consistent with each other, and with the predictions of the finite element 

analysis. One reason for these differences is that failure of the test specimen may take 

place at a section near the middle section of the stub-column, but not exactly at the 

mid-height section. This causes the crests of the bucWed specùnens to occur at 

locations other than the locations where the displacement transducers were attached. 

Another reason is that the lateral displacement behaviour depends largely on the 

actual geometnc imperfections shape of the stub-column specimen. 

The figures show that lateral displacements at both of the central point and 

the quarter point starteci to increase initiaily in the same outward direction of the web. 

Then, with the *initiation of local buckiing, the quarter point displacement changed to 

the inward direction while the central point displacement kept propagating in the 

outward direction. This is a clear indication that the webs of the stub-columns 

buckled in a series of longitudinal waves with a haf-wave length value between the 

web width and the fiange width. 

Figure 4.10 shows that perforated stub-column specimens of section (A) 

achieved more lateral displacements at the central point of the web than the non- 

perforated ones. Spechens with ovd and rectangular perforation showed more 

lateral displacements than specirnens with circular and square perforation. The sarne 

behaviour can be noticed for seaion (B) in Figure 4.12, except for the specimens with 

rectangular perforation (B-R) which showed little lateral displacements up to the 

failure load. 



154 

The laterai 0ange displacement was recorded at the central point of the flange 

at the Md-height section ofthe stub-columns. The typical flange behaviour of the 

specimens of section (A) and section (B) are shown in Figures 4.10(f) and 4.12(f), 

respectively. The figures indicate that the laterai flange displacement of section (A) 

increased gradudy, in the inward direction of the section, up to about 1.5 mm at 

ultimate load. However, section (B) showed very little lateral flange displacement, 

only up to about 0.3 mm at ultimate Io& but the displacement increased significantly 

as fdure propagated in the section. 

4.5.1.3 Axial Strain 

The typid strain behaviour of the specimens of section (A) and section (B) 

are show in Figures 4.1 1 and 4.13, respectively. The positions of the strain gauges 

at the mid-height cross-section of the stub-column specimens are shown in Figure 4.6. 

The figures indicate that the corner strain gauges showed a consistent 

compressive strain increase at the four corners of both sections (A) and (B) up to 

complete failure. Web strain gauges showed a starting compressive strain increase 

on the outside and inside surfaces of the web. However, with the initiation of local 

buckling, the strain on the outside surface (Gauges 5 and 7) changed to tension while 

the strain on the inside sudace (Gauges 6 and 8) kept increasing in compression. 

Flange strain gauges did not show any evidence of local flange buckling similar to that 

of the web, as the two gauges on the outside and inside surfaces (Gauges 9 and 10) 
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showed a consistent strain behaviour up to complete failure. 

4.5.2 Buckling Loads 

The experimental and finite element buckling loads of the shib-column 

specimens are reported in Table 4.3. The experimental buckling loads were obtained 

using two classicai rnethods; [a] the "Infiection Point" method which is based on load 

versus lateral defiection readhgs, and [b] the "Strain Reversai" method which is based 

on load versus strain readings. In the Inflection Point method, the buckling load is 

defined as the load corresponding to a point with a maximum rate of increase of 

lateral deflection with respect to load; i.e., minimum slope (Schlack, 1968). In the 

Strain Reversal method, the buckling load is the load corresponding to the maximum 

compressive strain on the convex side of the buckled plate (Stowell, et al., 195 1). 

The hnite element buckling loads were obtained using the Inflection Point method 

only, as no strain output was recorded fiom the finite element analysis. 

The reported buckling loads in Table 4.3 indicate that the estimation of the 

buckling load depends largely on the method used. The Strain Reversa1 rnethod 

generally predicted lower buckling loads than the Medon Point method. This is due 

to the plate geometnc irnperfeaions which cause strain reversal to occur weli before 

reaching a complete buckhg of the plate. The effécts of geometnc imperfections 

were more pronounced in the results associated with section (A) than section (B), as 

the former has larger slendemess ratio of the web plate. 
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The buckling loads of morated stutFcolumn specimens were found to be less 

than the conesponding buckiing loads of non-perforated specimens. Similar 

behaviour was noticed by Yu and Davis (1973), Narayanan and Chow (1984), and 

Banwait (1987). This is due to the fact that the perforation in the centre of the web 

plate changes its local buckling condition fiom one stzened plate to two unstiffened 

plates fkom the side of the perforation. nie unstiffened plates caused the web plate 

to locaiiy buckle at a stress value less than that for one stiffened web plate. No 

definite effects were noticed for the perforation shape on the buckling loads. The 

change in the bucküng loads with various shapes of perforation was dinerent for 

section (A) than section (B). The effects of the perforation size on buckhg loads 

were not investigated in the m e n t  shidy, as ail perforateci specimens for each section 

had the same perforation width. 

Tt has to be rnentioned here that, despite of ail the dficulties associateci with 

the determination of the bucklùig loads of colci-formed steel members in compression, 

the magnitude of the buckling load may not be a valuable quantity when ultirnate 

design is considered. Perhaps the buckling load cm be merely considered as the load 

at which excessive lateral deflections occur in the compression member. 

4.5.3 Ultimate Loads 

The experimental and finite element ultirnate loads of the stub-column 

specimens are reported in Table 4.3. The experimental uitimate load is the largest 
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load value reached during the test before the load started to drop. It cm be noticed 

fiom the table that the ultimate loads of perforated stub-column specimens were less 

than the conespondhg ultimate loads of non-pdorated specimens. This is due to the 

loss of matenai at the central sections of perforated stub-colurnns. It can also be 

noticed that the ultimate loads decreased with the increase of the height of 

perforation. However, there were little dinerences (less than 2.5%) between the 

ultimate load results of specimens with circular and square perforation. Also, there 

were little diierences between the ultimate load results of specimens with oval and 

rectangular perforation Oarger height). This indicates that the shape of perforation 

had little effect on the expected ultimate loads. This behaviour cm be concluded 

clearly fiom the finite element results rather than the experimentd results, as the 

former resuhs are more consistent thm later ones. 

The &op in the ultimate load due to a 33% web perforation width of section 

(A) was 3% for ciraikr and square perforation, and was 6% for ovai and rectangular 

perforation. The drop in the ultimate load due to a 41% web perforation width of 

section (B) was 6% for circular and square perforation, and was 11% for oval and 

rectangular perforation. The loss in the ultimate load of perforated stub-column 

specimens of d o n  (B) is more pronounce- than that of section (A). This behaviour 

was expected as the slendemess ratio (wlt) of the web plate of section (B) is lower 

than (w/t) for section (A). A stocky compression plate h a h g  a certain perforation 

is expected to lose more strength than a correspondhg slender compression plate 
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4.5.4 Asid Stress Distribution 

The axial stress distributions at the mid-height section of the stub-column 

specVnens are shown in Figures 4.14(a) to (e) for section (A), and in Figures 4.15(a) 

to (e) for section (B). The stress distriions show correspond to the bucküng load 

and the ultimate load levels for each test case. The experimental results are shown in 

the figures, at the locations where they have been recorded, using data marks, while 

the finite element results are shown using continuous lies. The experimental axial 

stress results were obtained by transferring the recorded axial strains to stresses using 

the correspondhg experimentai stress-strain relationships displayed in Chapter Three. 

Although this procedure is not exact since the axial strains only are not enough to 

predict axial stresses, the stresses so obtained were approximately correct as stub- 

colurnn specimens were primarily subjected to axial loading. This axial loading 

produced major strains in the axial direction and rninor strains in other directions. 

The stress diseiiutions for section (A) show a consistent agreement between 

the test r d t s  and the finite element results. The consistency is better at the buckling 

load level than at the ultimate load level. This behaviour is due to that some 

unpredicted deformations may occur at the ultimate load level, where failure start to 

take place. Stress concentrations are noticed at locations adjacent to the perforation 

at the buckling load level for perforated specimens, compared to the non-perforated 
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specirnen (A-D). These stress concentrations can be interpreted as a transfer of the 

stresses which were supporteci by the area of the penoration. The stress 

concentrations disappeared at the ultimate load level, due to the large laterai web 

displacements which occur at that load level. The large lateral displacements usually 

cause the web to support les compression stresses, and consequently less axial load. 

The stress p& at the dtimate load level correspond to the comer zones of the stub- 

column specimens. The comer zones of cold-fomed steel (CFS) compression 

memben are generaily expected to support higher compression stresses, than flat 

zones, as a r d t  oftheir higher yield strength and ultimate strength. This behaviour 

was incorporated in the current finite elernent mode1 of the stub-column specimens. 

The stress distributions for section (B) show a similar behaviour for that of 

section (A). A consistent agreement was found between the test results and the finite 

element results. However in few test cases (particularly B-D and B-S), some 

discrepancy is noticed in the test results. The reason was that fdure occurred away 

from the nid-height section of the stub-column specimens. As a result, the readings 

of the strain gauges, located at the rnid-height section, were different than the 

readings at the failure section. The stress distributions at the buckling load level for 

section (B) are not uniform as obsewed for section (A). This is because the buckling 

stress value of the web plate of section @) was close to its yield strength value, while 

the buckling stress value of section (A) was about 30% of its yield strength value. 

nie stress distribution results for section (B) show stress concentrations simiiar to the 
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concentrations mentioned for section (A). The stress concentrations disappeared at 

the ultimate load Ievel, and the stresses adjacent to the perforation dropped 

significantiy due to the large lateral web displacements. 

4.6 Summary 

The modelling requirements for a finite element rnodel of cold-fomed steel 

(CFS) members in compression have been presented and discussed. These 

requirements included the properties for the finite element chosen to represent the 

CFS sections, the dEerent methods to eliminate the overall buckiing mode of the 

compression rnemben, the lateral imperfection shapes to initiate the local buckling 

mode, and the loading techniques to obtain a d o m  displacement condition over the 

compression members. A h i te  element model was then developed for channel- 

shaped CFS compression members based on the discussed modelling requirements. 

The model utillled the 9-node large deformation elasto-plastic shell finite element to 

represent the body of CFS sections. The model also utilized the idealkations of the 

CFS material mechanical properties and residuai stresses presented in Chapter Three. 

Special loading systern and displacement solution algorithm were employed to obtain 

a UNfonn displacement condition at the loading edges of the compression members. 

A double sine-wave distribution was used for the geometric imperfections shape of 

the web plates of the members to initiate the local buckling mode of individual plate 

panels. The finite element model of CFS compression members was flexible enough 
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to accommodate dEerent shapes of web perforations. 

The testing procedure and the results of 20 non-perforated and perforated 

CFS stu&coIumn tests have been presented. The tests were perfonned to ver9 the 

results of the finite element mode1 and to investigate the behaviour of perforated CFS 

stubcolumns. The cornparison between the test results and the finite element results 

was perfonned for axial and laterai displacement behaviour, axial strain, buckling 

loads, ultmiate loads, and &ai stress distribution. The cornparison indicated that the 

finite element d y s i s  generaily gave consistent agreement with the test results. The 

finite eletnent m d  was capable of predicting the sarne deformation behaviour of the 

test results. Predictions for the buckhg loads, ultimate loads, and stress distribution 

were also comparable to the test results. Perforated stub-column specimens showed 

lower axial stifhess than the non-perforated specimens. The perforation width and 

height were main factors in reducing the stifkess of the specirnens. Perforated stub- 

column specimens aiso showed lower buckling and ultimate loads than the non- 

perforated specirnens. 
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Table 4.1 Measured Bat cross-sectional dimensions of test specimensa 

1 (A) 1 191.7 1 30.3 

1 (B) 1 93.9 1 34.0 

' Refer to Figure 4.5 for notations 

Table 4.2 Dimensions of stub-colurnns ' 

Length 1 Pedoratian dimensions I Perforation 

shape 
S pecimen 

Circle 

A-S 1 , A 4 2  
... 

Square 

Rectangle 

Circle 

B-SI , BIS2 Square 

Rectangle 

' Refer to Figure 4.5 for notations 
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Table 4.3 Experimentai and finite element results of test specimens 

F. E. 
buc kling 

load 
OcN) 

Experimental 
bucklin load 

CiCrpi 
Experiment ai 

ultimate 
load 
(W 

F. E. 
ultimat e 

load w Tnaedon 
point 

A-DI 1 76.2 1 - 

A-RI 1 70.9 1 -- 



Figure 4.l(a) The finite element mode1 of onequarter of a stub-column 



Positioa of 
Perforation 

Figure 4.1@) Typical finite element discretkation around the perforation 
in a stub-column 



' t Bottom End of 
Stub-culumn 

Direction of Axial Displacement 

Figure 4.2 Loading technique at the cdgcs of the stubcoIumn 



Figure 4.4 Distribution of integration points and longitudinal 
residual stresses within a shell hite element 



Figure 4.5 Typicai dimensions of a stub-column 

1 to3 arc5mmGaugea 
4to 10 are 10mmGauges 

Mid-height Cmss-saction 
showing 

Trasducers and Strain Gaugcs 

Figure 4.6 Setup and measuring devices of the stub-column test 



(a) Spechen ready for testing @) Specimen after failure 
Figure 4.7 Stub-column specirnen of section (A) with oval perforation 



Figure 4.8 Real time display of the load-displacement behaviour 
and axial strains of a cold-forrned steel specimen 



Figure 4.9 A sample of cold-formed steel test specimens der  fdure 
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Figure 4. lqa) Measured and predicted F.E. sec. (A) deformation (No perforation) 
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Figure 4.10(b) Measured and pred ic ted F.E. sec. (A) defornation (Circular perforation) 
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Figure 4.10(e) Measured and predic ted F.E. sec. (A) de formation (Rectangular perforation) 
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Figure 4.10(f) Typical measured and predicted F.E. sec. (A) flange defornation 
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Figure 4.12(e) Measured and predicted FE. sec. (B) deformation (Rectangular perforation) 
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Figure 4.12(t) Typical measured and predicted F.E. sec. (B) flmge defornation 
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Figure 4. M(a) Measured and predicted F.E. sec. (A) stress distribution (No perforation) 
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Figure 4. M(b) Meamred and predicted F.E. sec. (A) stress distribution (Circular perforation) 



Figure 4.14(c) Measured and predicted F.E. sec. (A) stress distribution (Square perforation) 

2 0 0 " 1 " " " " " " ' " " " ~ " ' 1 ' " " '  
Lip Corner Flange Corner Web 

Position on Section 

-600 

-500 

400 
h 

p" 
=300 
V 

V1 

Figure 4.14(d) Measured and predicted F.E. sec. (A) stress distribution (Oval perforation) 
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Figure 4.14(e) Measured and predicted F.E. sec. (A) stress distribution (Rectangular perforation) 
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Figure 4.15(a) Measured and predicted F.E. sec. (B) stress distribution (No perforation) 
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Figure 4.15(c) Measured and predicted F.E. sec. (B) stress distribution (Square perforation) 
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CHAPTER 5 

EFFECTIVE DESIGN WIDTH FOR PERFORATED PLATES 

OF COLD-FORMED STEEL MEMBERS IN COMPRESSION 

5.1 Introduction 

The finite element model, developed in Chapter Four for the post-local 

buckling behaviw of wld-formed steel (CFS) compression members, has been used 

in this chapter to obtain the axial stress distribution of perforated web plates in 

compression. The finite element model has been also used to obtain the effective 

design width of perforated web plates, and consequently the effective design width 

of perforated CFS compression mernbers. 

The parameters of a perforation that Sect the ultirnate strength of perforated 

CFS members include the shape of the perforation, the width (a), and the height (h) 

(see Figure 5.1). These pararneters are in addition to the properties of the perforated 

compression plate itself (dimensions, slendemess ratio, and material properties). In 

view of the research done on the behaviour and strength of perforated compression 

plates and perforated CFS compression mernbers, the question whether al1 perforation 

parameters have the same important effect on the ultimate strength has not been 

answered yet. The answer to such a question should reflect on the number of 

pararneters to appear in a design equation for perforated plates. 

185 
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The first part of this chapter gives the scope and the parameters of the finite 

element shidy which was performed on chel-shaped CFS members in compression. 

The second part presents the analysis results for the CFS compression members and 

the perforated web plates of the mernbers. The results include the effects of different 

parameters on the Priai stress distribution and the predicted effkctive design width of 

the compression plate. The parameters considered in the study are the plate 

slendemess ratio (wh), the yield strength (FJ, the perforation width-to-web width 

ratio (alw), and the perforation height-to-perforation width ratio @/a). The third part 

of the chapter presents two proposed effective design width equations for perforated 

compression plates with regular (square or circular) and elongat ed perforations. The 

equations were obtained based on the m e n t  finite element results, and verified using 

the results of several experimental studies. 

5.2 Parameters of Perforations 

The experimentai studies reviewed in Chapter One emphasized that the 

prirnary parameter afKecting the ultirnate strength of perforated cold-fonned steel 

(CFS) compression members is the pefioration width (a). Therefore, the non- 

dimensional parameter (afw), where (w) is the web width, was the main parameter in 

all of the discussed experimentai and analyticd studies. The effects of the shape of 

perforation was also studied by Yu and Davis (1973), Narayanan and Chow (1984), 

and others. It is meant here by the shape of perforation that the perforation is having 
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either circrilar or scpare corners, but h g  the m e  overail width and height. It was 

generally o b m e d  that the circular corners shape gives a better distribution of 

stresses around the perforation than the square corners shape. Also, the ultimate 

strength of CFS sections with circular perforation shape was found to be slightly 

higher than the sections with square perforation shape. However, this marginal 

Mérence in strength suggests that studying perforation with square shape only might 

be enough to cover the ultimate strength predictions of perforated sections with 

ciradar as wel as square shape. As for the effkcts of the height of perforation (h), it 

was observed, from the few avaiiable experimentaî studies which considered this 

parameter, that perforated CFS sections with (Ma) ratio greater than 1.0 have 

significantly lower ultimate strength than smilar sections with (hla) equal to 1 .O. 

Based on the above observations fiom difEerent studies, the current nnite 

element study considers the perforation width-to-web width ratio (a/w), and the 

perforation height-to-perforation width ratio @/a) as the study parameters of the 

perforation The study also considers the slendemess ratio of the web plate (wlt) and 

the yield strength (FJ as the parameters of the CFS sections. 

5.3 The Fiaite Ekment Study 

Lipped charme1 cold-formed steel (CFS) sections with short flanges were 

selected for the parametric study on the ultimate strength of CFS compression 

mernbers with perforated web plates. A Lippeci channel section has the advantage of 
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providing a simply supported condition at the two longmiciinal edges of the web plate. 

The lips of the section also act as Meners to the flange plates. 

5.3.1 Pedorated Sections 

The analysis was performed on seven different practical channel sections 

covering a slendemess ratio range of the web plate (w/t) b r n  3 1.3 to 194.2. The 

overall and cross-sectional dimensions of the channel sections are given in Table 5.1. 

The first three sections had overall dimensions of 10 1.6 mm (4 in.) for the web, 

41.3 mm (1.625 in.) for the flange, and 12.7 mm (0.5 in.) for the lip. The other four 

sections had overall dimensions of 203.2 mm (8 in.) for the web, 41.3 mm (1.625 in.) 

for the flange, and 12.7 mm (0.5 in.) for the lip. The inside radius-to-thickness ratio 

ofthe corners of ali the channel sections was taken as 2. The dimensions of the web, 

flange, and lip plates, shown in Table 5.1, are the flat diiensions which were 

calculate- by exclucihg the rounded corners f?om the overall dimensions of the plates. 

D i t  slendemess ratios of the web plate (wlt) were obtained by choosing different 

values for the thickness of the channel section. 

The finite element analysis was performed on ten study cases for each lipped 

channel section; one case for a non-perforated section and Nne cases for perforated 

sections. The perforated sections were studied with perforation width-to-web width 

ratios (dw) equal to 0.2, 0.4, and 0.6. The perforation height-to-pedoration width 

ratio @/a) was taken equal to 1 .O, 2.0, and 3 .O for each perforation width ratio. 
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These perforation dimensions cover the practical lllnits for pedorated cold-fonned 

steel (CFS) waii studs. 

The finite element d y s k  was pafonned on the bais of a yield strength v,,) 
of the channe1 sections equal to 345 MPa (50 ksi). However, the effects of the yield 

strength value on the axial stress distribution, and the effective design width of 

perforateci web plates were invdgated by feanalyzing some study cases on the basis 

of a yield strength value e q d  to 228 MPa (33 ksi). 

5.3.2 The Finite EItment Mode1 

Short coIwnns of the channel sections were modeîied using the finite element 

method. The wlumn lengths for shidy cases of the 10 1.6 mm (4 in.) section and the 

203.2 mm (8 in.) section were taken equai to 300 mm and 600 mm, respectively. The 

length of the column wss chosen large enough to accommodate the desired height of 

the web pfhation, specially for the case of (dw) ratio of 0.6 and Na) ratio of 3.0. 

The maîerial properties for cold-fomed steel (CFS) charme1 sections used in 

the anaïysis were set according to the material models presented in sections 3.3 and 

3.4 of Chapter Three. Increaseâ yield strength (FA was utiliied in the corner zones 

of the chamel Secfion, while s p d e d  yield strength (5) was utilized in the other flat 

zones of the section. The increased yield strength (F,J was calculated accord'ig to 

Equation 3.3, and found to be 434 MPa for the (F,,) of 345 MPa, and 296 MPa for the 

(Fy) of 228 MPa. The calculations were based on a specified ratio of the ultimate 
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tende strength to the yield strength (Fu / F,) of  1.30 for (5) equal to 345 MPa, and 

1.36 for (FJ equal to 228 MPa (Yu, 1991). 

The procedure of choosing the finite element mesh, boundary conditions, and 

loading technique are explained in sections 4.3.1 and 4.3.3 of Chapter Four. The 

utilized distributions of the geometric imperfections and the residuai stresses are also 

explahed in section 4.3.4. The displacement control algorithm, which was used for 

the anaiysis to obtain increments of axiai compression displacement rather than axial 

load, is described in section 4.3.5. The analysis was performed until the ultimate 

(largest) load of the colurnn is reached and the load started to decrease with more 

increments of axial displacement. 

5.4 Analysis Results 

The output results of the finite element andysis on perforated cold-fomed 

steel (CFS) colurnns include the axiai load supponed by the column, the nodal 

displacements in three global directions, and the in-plane element stresses. These 

resuits were obtained for every loading step of the incremental displacement solution. 

Table 5.2 gives the resulting ultimate axial load for every study case of the 70 cases 

performed on short columns of lipped channel sections. The following part of the 

study is concernai with discussing the axial stress distributions across non- perforated, 

and perforated web plates, and the determination of their effective design widths 

based on the ultimate loads of the short colurnns. The eEects of the parameters of 
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perforated plates (w/t, dw, Na, and F,) on the shape of the stress distribution and the 

magnitudes of the effective design width are discussed as wel. 

5.4.1 M a i  Stress Distribution in Web Plata 

The axial stress distributions across the mid-height section of the non- 

perfiorated web plaies are presented in Figure 5.2 for diffetent slendemess ratios (wft). 

The axial stress distributions of the perforated web plates of three dEerent channel 

sections are presented in Figures 5.3, 5.4, and 5.5. These axial stress distributions 

correspond to a loading level when the yield stress value (F,) (345 MPa) is first 

detected across the web plate. The horizontal axis in these figures represents half of 

the width of the web plate, while the vertical ruOs represents the normalired axial 

stress with respect to (4) of 345 MPa. The stresses for aü distributions were 

obtained ftom the mid-plane of the thickness of t he web plate. The web plates of the 

three channel sections under consideration have slendemess ratios (w/t) equal to 3 1.3, 

78.3, and 194.2, respectively. The first slendemess ratio (w/t = 3 1.3) represents a 

web plate with a fiiliy effective width at a yield stress (Fy) value of 345 MPa. The 

other two slendemess ratios (w/t = 78.3 and 194.2) represent web plates with partially 

effkctive widths at the same yield stress value. 

5.4.1.1 Effects of (w/t) Ratio 

The axial stress distributions of the non-perforateci web plates of five 
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dendemess ratios (w/t) are presented in Figure 5.2, which can be used to shidy the 

&ects of (wlt) ratio. For the (w/t) ratio of 3 1.3, the axial compressive stress reaches 

the yield stress value at the edges of the web. However, the stress drops to about 

0.9Fy next to the edges and remains constant over the whole width of the web plate. 

The initiation of yielcüng at the web eâges is due to the higher yield and ultimate 

strengths at the corner zones of cold-formed steel (CFS) sections as discussed eariier 

in Chapter Three. The constant stress over the width of the web indicates that the 

web plate is M y  effective at that stress Ievel. Any disturbance to that fùlly effective 

plate, such as a perforation, will alter the stress distribution and may cause the 

initiation of yielding to occur inside the plate rather than its edge (see the case in 

Figure 5.3 (a) for (dw) ratio of 0.2). 

As the (wlt) ratio increases to 78.3, the web plate becomes partially effective. 

The corresponding axial compressive stress distribution shows a gradual decrease 

fkom a value of F, at the edges to a value of 0.5Fy at the centre line. This gradual 

decrease of axial stresses is clearly observed for larger (w/t) ratios of 10 1.4, 128.7, 

and 194.2. The a i a i  stress drops to a tende stress value of 0.07Fy at the centre line 

for (wh) of 194.2. This gives an evidence that, even though the web plate is under 

compressive loading, axial tende stresses develop in its central region when the ratio 

(w/t) becomes very large. The (wh) ratio has similar effêcts on the axial stress 

distribution of perfbrated web plates as observed by comparing the corresponding 

distributions in Figures 5.3, 5.4, and 5.5. 



5.4.1.2 Effets of (dk) Ratio 

The a ia l  stnss distributons ofpaforated web plates are presented in Figures 

5.3(a) to (c) through 5.5(a) to (c) for Merent perforation width-to-web width ratios 

(ah). Three ratios are shown in each figure; (ahv) equals 0.2.0.4, and 0.6. The edge 

of perforation is marked in the figures by a vertical line for each (w/t) ratio. For the 

(w/t) ratio of 3 1.3 5.3(a) to (c)), it can be noticed that when the perforation 

is introduced in the web plate, part of the axial compressive stresses supporteci by the 

catral area ofthe non-perforated plate appeared to have been transferred to the sides 

of the perforation. This behaviour can be noticed for di (a/w) ratios, except that the 

area of the transferred stresses decreases as the (alw) ratio increases. 

On the other hand, the percentage of transferred axial stresses increases with 

the increase of the slenderness ratio (w/t) of the web plate. This behaviour can be 

observed by cornparhg the correspondhg stress distributions in Figures 5.3.5.4, and 

5.5. For the (w/t) ratio of 3 1.3, the plate is M y  eEective and the area surrounding 

the perforation could not accommodate much of the stresses lost due to the 

perforation. For the (w/t) ratio of 78.3, the plate is partially effective and the area 

mounding the pedoration was capable of carrying a larger percentage of transferred 

stresses fiom the perforation area. For the (w/t) ratio of 194.2, the plate is also 

p d y  effective but the axial stresses lost due to the perf'oration are tende stresses 

for the case of (dw) equals 0.2 and little compressive stresses for the cases of (dw) 

equals 0.4 and 0.6. As a result, the area of transferred stresses is below the stress 



194 

distriion ofthe non-pafotated plate for (dw) equals 0.2 and little higher for (dw) 

equals 0.4 and 0.6. 

5.4.1.3 Effects of @/a) Ratio 

The axial stress distributions for dSerent perforation height-to-perforation 

width ratios @la) of perforated web plates are presented under the titles (a) to (c) of 

Figures 5.3,5.4, and 5.5. The @/a) ratios displayed in these figures are 1.0, 2.0, and 

3.0. For the (w/t) ratios of 3 1.3 and 78.3, it can be noticed that the area of axial 

compressive stresses transferrred from the central part of the non-perforated web plate 

to the sides of the perforation decreases as the @/a) ratio increases. This suggests 

that the interaction of the plate elements around the perforation for small (Ma) ratios 

helps in transferring stresses to the sides of the perforation. However as @/a) ratio 

increases, this interaction starts to disappear as the plate becomes divided into two 

separate segments under compressive loading. This behaviour is quite clear in Figure 

5.3(c), where the ratio of (hla) equals 3.0 results in h o s t  no transfer of axial 

stresses. Also as @/a) ratio increases, larger magnitudes of lateral displacements 

occur at the edges of the perforation, which develop axial tensile stresses in the plate. 

niese tensile stresses reduce the area of transferred compressive stresses to the sides 

of the perforation. Moreover, the tensile stresses are capable of dominating the 

compressive stresses for very large lateral displacements. This behaviour can be 

concluded fiom Figures 5.S(b) and (c) for the (wlt) ratio of 194.2 when compared to 
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Figure 5.5(a). The transferred axial stresses in these two figures are dominated by 

tensile stresses in the areas adjacent to the perforation. 

5.4.1.4 Efkcts of Yidd Strength 

The effects oftwo difFerent values of the yield strength (F',,) on the axial stress 

distributions of non-perforateci and pefiorated web plates were snidied. Figure 5.6 

shows the axial stress distributions for a web plate (with (wh) ratio of 78.3) at (F,) 

of 228 MPa and 345 MPa. The distributions are shown for non-perforated and 

perforated plates with ( a h )  and (Na) ratios qua1 to 0.6 and 1 .O, respectivety. It can 

be observed fiom this figure that the normaiized axial stress (FEY) changes 

significantly for non-perforated web plates with the change of (5). As the yield 

strength (FJ increases fiorn 228 MPa to 345 MPa., the uniformity of axial stresses 

over the width of the plate disappears and the axial compressive stresses drop in the 

central part due to the spreading of local buckling mode in the web plate. This 

behaviour causes the plate to becorne more partially effective, however, its total load 

capacity increases due to the increase of (Fy). 

For perforated plates, the effects of changing (F,) are not as significant as that 

for non-worated plates as shown in Figure 5.6. The axd stress distribution for the 

@orated plate with (dw) of 0.6 has almost the sarne behaviour when (5) changes 

f?om 228 MPa to 345 MPa. This is a result of having ail the axial stress changes in 

the plate to start fkom the central part, and then spread gradually towards the edges. 
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5.4.2 Effective Design Width of Web Plates 

The effective design widths (b) of non-perforated and perforated web plates 

were detemiined based on the ultimate loads obtained fiom the finite element analysis, 

as presented in Table 5.2. The portion of the ultimate load d e d  by the web plate 

(P,) was first detennined by deducting an upper bound load, to be supported by the 

fianges, lips, and corners of the section, fiom the total ultirnate load (PJ. This was 

done according to the following procedure: 

P, = Pu - plat zone eE areas x F, + Corner zone areas x F,] 

where the flat and the corner zones of a lipped channel section are as defined in 

section 3.3 of Chapter Three. The stress (F,) is the specified flat zone yield strength, 

and the stress (Fa is the increased corner zone yield strength. The values of 0;) and 

(Fd are given in section 5.3.2 of this chapter. The eîfective design width @) of the 

web plate was then calculated as: 

where (t) is the uniform thickness of the channel section. According to the 

slenderness ratio lirnits of the design Standards (AISI, 1991 and C S 4  1994), the 

width of the lip plate was fùlly effective for aü the channel sections under 
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consideration. However, the width of the flange plate was partiaiiy effective for 

channet sections with (wJ t) ratios of 28.9 and 35.5 (sections with thiclcness of 1.22 

and 1 .O2 mm in Table 5.1). The effdve design width of the flange plate in such case 

was dcuIated accordimg to the procedure provided by the Canadian S 136-94 design 

Standard (CS4 1994) for non-penorated plates stifYened from one side with a web 

plate and fiom the other side with an edge stiffener. 

The results for the &dive design width are presented in Figure 5.7 for non- 

perforated web plates and in Figures 5.8(a) to (c) for perforated web plates. The 

e f f i v e  design width was normalized with respect to the correspondhg web width 

(w), as shown in the figures, to ease the comparison between dserent cases. 

5.4.2.1 Effects of  (w/t) Ratio 

The effective design width for non-perforated web plates is presented in 

Figure 5.7 for diierent web slendemess ratios (w/t). Both the effective design width 

results of the approach derived from the present finite element analysis and the 

Standards predictions (AISI, 1991 and CS4 1994) are presented. The slendemess 

ratio Iimit (w/tX, of the Standards, which indicates a fully effective plate, is dso 

shown in the figure by a vertical line. 

It can be observed âom Figure 5.7 that the eEective design width @) of non- 

perforateci plates deaeases siflcantly with the increase of the plate slendemess ratio 

(w/t). For a plate with (w/t) ratio of about 200, the effective design width is only 
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20% of the plate width. The behaviour of the eEective design width ratio (b/w) 

created by the finite element results is quite similar to the behaviour of the results of 

the codes- However, the former behaviour is generally consenrative in its predictions 

than the later one. The reason for the conservative behaviour of the finite element 

results is the upper bound ultimate load assigneci to the flanges, lips, and corners of 

the channel section as described in the previous section. 

The effèctive design width ofthe web plate of perforated channe1 sections has 

been disnissed in the following sections. The dects of the (w/t) ratio on the effective 

design width of perforated web plates were found simiiar to that of non-perforated 

web plates. This can be observed by checking the behaviour of the effective design 

widt h ratio @/w) of the finite element results in Figures 5.8(a) to (c). The effective 

design width cm be less than 10% of the plate width for large (w/t) ratios, when a 

perforation with (dw) equals 0.6 and (Wa) equals 3.0 is introduced in the plate. 

5.4.2.2 Effects of (dw)  Ratio 

The effective design width of perforated web plates is presented in Figures 

5.8(a) to (c) for dXerent perforation width-to-web width ratios (alw). The studied 

(a/w) ratios cover a range of 0.0 (non-perforated plate) to 0.6 (perforation width is 

60% of the plate width). It can be observed from Figure 5.8(a) that the effective 

width-to-web width ratio (Ww) decreases with an increase of (a/w) ratio. The 

decrease is more pronounced for webs with small slendemess ratios (w/t) than large 
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slendemess ratios. This is due to the fact that as (wlt) ratio becomes large, the non- 

perforateci plate becornes p a r t i e  &&e with the centrai area supporting small area 

of stresses. Hence, the introduction of a perforation in the centre of the plate causes 

a marginal reduction in the total area of stresses supported by the plate, and 

co~l~equently a marginal reduction in the effective design width of the plate. It is aiso 

observeci in Figure 5.8(a) that for large (w/t) ratios, an (a/w) ratio of 0.2 gives almost 

no reduction in the effective design width (compared to a/w of 0-O), which confirrns 

the behaviour mentioned in the previous staternent. 

On the other hand, the loss in the effective design width ratio (b/w) is found 

close in magnitude to the (dw) ratio for the channel section with (wft) ratio of3 1.3 

in Figures 5.8(a) to (c). In fact, according to the LRFD Specification (AISI, 199 l), 

the loss in the effective design width (Ab) should be equal to the pedoration width 

(a) when (wlt) ratio is less than or equal to the local buckiing slendemess ratio limit 

(w/t), shown in Figure 5.7. However, this (w l tk  was primariiy developed for non- 

perforated plates, and may not be suitable for perforated plates which may have 

different buckling stresses. This point is fùnher discussed in section 5.5.3 where a 

proposed effective design width equation for perforated plates is presented. 

5.4.2.3 Effects o f  (Ma) Ratio 

The effective design width for different perforation height-to-perforation 

width ratios (Ma) of perforated web plates is presented in Figures 5.8(a) to (c). The 
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@la) ratios shown in these figures are 1 .O, 2.0, and 3 .O. The effective widt h-to-web 

width ratio (Ww) is generaiiy found to decrease with the increase of @/a) ratio. 

However, this decrease is more pronounced for webs with large slendemess ratios 

(wlt) than for small slendemess ratios. This conclusion can be made by comparing the 

effective design width results for web plates having (w/t) ratios equal to 3 1.3 and 

194.2, and having sirnilar perforation dimensions. When the first web plate [(w/t) = 

3 1 -31 has a perforation with (alw) of0.6, and (hla) increases fiom 1.0 to 3 .O, the loss 

in (Ww) ratio is only 1W. However, when the second web plate [(w/t) = 194.21 has 

the same perforation dimension ratios, the loss in @/w) ratio is 35%. An explanation 

for the eEects of increasing (Ma) ratio was given by Rhodes and Macdonald (1996) 

based on their experîmental findings. They concluded that as the height of the 

perforation increases, there exists a potentiai in the material on both sides of the 

perforation to buckle individually in a colurnn fashion. Based on the current finite 

element results, it can also be concluded that the individual buckling reduces the 

effective design width of the web plate, and consequently reduces the ultimate load 

of the column. Another observation fiom the curent results is that as the slendemess 

ratio (w/t) ofthe web plate increases, the tendency for the individual buckling on the 

sides of the perforation also increases. This is because, as the slendemess ratio of the 

web plate increases, the slendemess ratio of the whole section also increases and gives 

more tendency for the individual buckling to occur. 



5.4.2.4 Effects o f  Yield Strength 

The effeds of two difTerent values of the yield strength (5) on the effective 

design width of non-perforated and perforated web plates were studied. Figure 5.9 

shows the effdve width-to-web width ratio @/w) for the web plate at @J equal to 

228 MPa and 345 MPa. The effedive design width is shown for non-perforated webs 

and perfiorated webs with (alw) and (Wa) ratios equal to 0.6 and 1 .O, respedively. It 

can be observed that the effective design width (b) generally decreases with the 

increase of the yield strength (F,). The loss in the effective design width due to the 

increase of (F,,) is more pronounced for non-perforated plates than for perforated 

plates. This behaviour is expaed as the major loss in the axial stress capacity of the 

plate is in its central part as discussed earlier in section 5.4.1.4. The slendemess ratio 

(w/t) of the plate does not seem to have a major effect on the loss in the effective 

design width due to increase of (FJ, which cm be concluded by observing that the 

loss in (b/w) is fairly constant over the wide range of (w/t) ratio. 

5.5 Effective Design Width Equations for Plates with Regular Pertorations 

In this section, a new proposed equation to predict the loss in the effective 

design width of a stiffened plate (Ab) due to a regular (circular or square) central 

perforation is presented. The proposed equation is based on; 

[a] The effective design width results of perforated web plates @), which were 

obtained from the present finite element analyses for CFS channel sections. 
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b] The design equation used by the Arnerican cold-fomed LRFD Specification 

(AISI, 1991). 

5.5.1 AIS1 Effective Design Width Procedure 

The e f fdve  design width equaîions for non-pediorated stiffened compression 

plates given in the Arnencan cold-formed LRFD Specincation (AISI, 1991) and the 

CaMdian S136-94 Standard (CS4 1994) are well-established and quite sirnilu. The 

equations state that the effective design width (b) is to be calculated as: 

b = w  k E for (w/t) s ( ~ / t ) ~  = 0.644 

where (k), equal to 4.0, is the bucküng coefficient of stiEIned plates, and (Fa is the 

maximum edge stress in the stiffened compression plate. 

As for perforated plates, the design procedure given in the Arnencan cold- 

f o d  LRFD Specification (AISI, 199 1) is based on the results of the experimental 

study of Ortiz-Colberg (198 1). This design procedure is only applicable for stiffened 

compression plates with slendemess ratio (w/t) not greater than 70, and having 

circular perforation with (alw) not greater than 0.5. The procedure (in the format of 



Equations 5 -3 and 5 -4) states that: 

It can be easily concluded, by comparing Equations 5.5 and 5 -6 to Equations 5.3 and 

5.4, that the loss in the effective design widt h due to the perforation (A b) is aven by : 

A b  = a for (w/t) r ( ~ / t ) ~  = 0.644 

where (k) is taken equal to 4.0 in Equation 5.8. Equation 5.8 is a slightly 

conservative modification of the equation proposed by Ortiz-Colberg (1 98 l), which 

had a constant of 1.46 instead of 1.52. 

Equations 5 -7 and 5.8 of the LRFD Specification (AISI, 199 1) were compared 

to the present finite element results in Figure 5.10 for the loss in the effective design 
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width (Ab) due to the perforation. The cornparison was done at a maximum stress 

( F a  equal to a yield stress (4) of 345 MPa. Obviously, a larger (Ab) vaiue in the 

figure means a larger loss in the effective design width due to the perforation. It can 

be observed fiom the figure that the code equation is generally highly conservative in 

the assumption of (Ab). It can also be obsaved that there exists a discontinuity in the 

code prediction at the (w/tlb vaiue due to the use of two diierent equations at this 

limit. The code predictions were tenninated at a (w/t) ratio of 70 as Equation 5.8 is 

not applicable beyond this limit. The equation is aiso not applicable for (dw) ratios 

greater than 0.5. 

The reasons for the conservative nature of the AIS1 equation were 

investigated by reviewing the analysis of Ortiz-Colberg (198 l), which is the source 

of Equation 5.8. It was discovered that Ortiz-CoIberg (1 98 1) assumed in his anaiysis 

that the slendemess ratio of perforated plates (w/t) is to be calculated based on the 

overaîi width rather than the flat width of the plate. The dEerence between the 

overaii width and the flat width is the width of two rounded corner parts co~ec t ing  

the web plate to the flanges of the cross section. According to that assumption, the 

above mentioned analysis consistently obtained a (w/t) ratio higher than the correct 

value for a specific loss in the effective design width (Ab). This behaviour resulted 

in a shift in ail the data towards higher (w/t) ratios, and consequently resulted in a 

higher regression constant in Equation 5.8. 
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5.5.2 Proposed Effective Design Width Equation 

Figure 5.1 1 shows the present finite elernent resuits for the loss in the effective 

design width (Ab) due to a square perforation. The results were obtained for 

perforation width-to-plate widîh ratios (dw) of 0.2,0.4, and 0.6, and for a yield stress 

(F,,) of 345 MPa The los in the effective design width was normalized with respect 

to the web plate width (A b/w). 

After investigating different forms of equations for the loss in the effective 

design width (Ab), an equation of the form of Equation 5.8 was found to represent 

the perforation e f f i  on (Ab) quite weU. The reason was that by dividing both sides 

of the equation by (w), and considering an unknown constant (C), the equation takes 

the form: 

Equation 5.9 clearly shows the effects of ditferent parameters (dw, w/t, and F,) on 

the normalized loss in the effective design width (Ablw) as discussed in section 5.4.2 

of this chapter. Moreover, the equation is compatible with the effective design width 

equation of non-perforated compression plates (Equation 5.4). Hence, Equation 5.9 

was used to fit the finite element results presented in Figure 5.11. The constant (C) 

was selected on the buis of having the equation to represent an upper bound for aii 

the finite element results. This approach resulted in a constant (C) equai to 1.095, 



which can be approximated to 1.1 to give the following equation: 

(S. 10) 

Although the upper bound approach used herein is rather a consemative approach, 

Equation 5.10 presents a good correlation with the nnite element results, as shown 

in Figure 5.1 1. The intersections of Equation S. 10 with (alw) lirnits are shown in the 

figure by horizontal hes at a proposeci limit for (w/t) ratio. This intersection lirnit of 

(w/t) is l es  than the Standards (CS4 1994 and AISI, 1991) local buckling iimit 

10.644 4 y]? whkh w u  primady developed for non-paforated plates. This 

change [reduction] in the limit of (wh) is logical and in agreement with the 

experimental hdings in this study (Chapter Four) and other studies (Yu and Davis, 

1973, and Banwait, 1987). These studies indicated that one of the effects of a 

perforation on a stiffened compression plate is to reduce its locai buckling stress (F,). 

The reduction in (J?,J results in an early local buckiing of the plate, and eventually less 

limit of (wh) ratio. 

By combining Equation 5.10 with the effective design width equation for non- 

perforated plates (Equation 5.4), the following equation was obtained and can be used 

in replacement of Equations 5.5 and 5 -6 combined: 



In other words Equation 5.1 1 r ads  as foliows: "the effective design width (b) of a 

stiffened plate of width (w) subjected to uniforni compression, and having a 

perforation width [diameter] (a) can be caldated using Equation 5.1 1. This effective 

design width should not exceed the value of (w-a)". The last term between the 

brackets (0.58 a/w) in Equation 5.1 1 would represent the effects of the perforation 

on the effective design width (b) of the plate. 

Equation 5.11 was m e r  verified by comparing the predicted ultimate loads 

with the current test results (Chapter Four), and the test results of Ortiz-Colberg 

(1981), Banwait (1987), and Rhodes and Schneider (1994). The properties of the 

experimental specirnens for each of the studies indicated above are given in 

Appendix D. The predicted (using Equation 5.1 1) and the experimental ultimate 

loads (P, and PJ for each study are presented in Tables 5.3 through 5.7. The ultirnate 

loads obtained by the AIS1 Specification (P-J (AISI, 199 1) using Equations 5.5 and 

5.6, and the ultimate loads obtained by the CSA Standard (P,J (CS4 1994) using 

the unstiffened strip approach are presented in the same tables where applicable, 

according to the provided limits. The ratios between the experimental ultimate loads 

and different predicted ultimate loads (Pt 1 P,, Pt 1 P,, , Pt / PmJ are also given in the 

same tables. The percentage drops in the four compared ultimate loads (P,, , Pa, 
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P, , and PJ due to the perforation are also presented in Tables 5.3 through 5.7. 

The percentage drop in an ultimate load was calculated as the ratio between the loss 

in the dtimate load of a specimen due to the perforation, and the ultimate load of the 

corresponding non-pdorated specimen. The percentage drop in the ultimate load is 

wnsidered another good measure for the current cornparison, since it is a measure for 

the effea of the perforation ody, regardless of the strength of the non-perforated 

specimen. 

It can be noticed lkom Tables 5.3 through 5.7 that the predicted ultirnate loads 

(Pp) are in good agreement with the experimental ultimate loads (PJ. The ultimate 

loads given by the AISI Specification (P,J could not be obtained for many 

specimens (indicated by N/A in the tables) due to the Spdcation limits. In the cases 

where (Pd wuld be obtained, the predicted loads fiom the current study (P) were 

always closer to the experimental loads (PJ than (Pu& The ultimate loads given by 

the CSA Standard (P&) were genedy conservative due to the used unstiffened stnp 

approach. The loads (PaJ couid not be obtained for some specimens as weii due to 

the CSA Standard limits. The percentage load drop given by (Pd was also in better 

agreement with the percentage given by the experimentai load (PJ, than that given by 

(Pd and (Pd. The mean values and the standard deviations of the ratios (Pt 1 P, 

P, / Pm, P, 1 P d  for each study, and for ail tests, are presented in Table 5.8. It cm 

be concluded fiom Table 5.8 that the proposeci effective design width equation gives 

the best predictions ofthe perforated members ultimate loads, when compared to the 
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predictions of the CSA and AISI Standards. The proposed effective design width 

equation gives dso accurate and safe predictions of the uitimate loads. 

5.6 Effective Design Width Equation for Plites with Elongated Perforations 

This section presents a proposed equation to predict the loss in the effective 

design width (Ab) of a stifFened compression plate due to an elongated (oval and 

rectangular) central perforation. Elongated perfiorations are generaiiy the perforations 

with height-to-width ratios (h.a) greater than 1.0. The proposed equation is an 

extension for the effective design width equation of plates with square perforation 

(Equation 5.1 1) presented in section 5.5.2. 

The effects of ma) ratio on the effective design width @) of perforated plates 

were discussed in detail in section 5.4.2.3. It was concluded that @) decreases with 

the increase of @da) ratio, however that decrease is more pronounced with larger 

slendemess ratios (w/t) of the plate. Figures 5.12 and 5.13 show the present finite 

element results for the nomalized loss in the effective design width (Ablw), for (Ma) 

ratios equal to 2.0 and 3.0, respectively. The results were obtained for a yield stress 

(F,,) of 345 MPa. 

Based on the f i t e  element results and the conclusions of section 5.4.2.3, the 

lo s  in the effectve design width (Ab) due to an elongated perforation (hla > 1.0) can 

be calculated, with reference to (Ab) of a square pefioration, as follows: 



h [Ab] (for h b l . 0 )  = [Ab] (fa h/a=l.O) x [1 + D (w) (- - 111 (5.12) 
t a 

where @) is a constant to be determined. In order to maintain sirnplicity, Equation 

5.12 takes into consideration the additional effects of @/a) and (w/t) ratios on (Ab) 

in a linear relationship fashion. For a square perforation (hla = 1 .O), the additionai 

term breaks down to a value of 1 .O. The constant @) was determined on the basis 

of having Equation 5.12 to represent an upper bound for the finite element results as 

shown in Figures 5.12 and 5.13. This approach resulted in a constant @) equal to 

0.0025, and the foiiowing equation for the normalized loss in the effective design 

width ratio (A b/w): 

An effeaive design width equation, sUnilar to Equation 5.11, can then be obtained in 

the foiiowing fonn: 

In other words, Equation 5.14 rads as follows: "the effective design width (b) for a 

stiffened plate of width (w) subjected to uniform compression, and having an 

elongated perforation of width (a) and height (h), can be calculated using Equation 
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5.14. This effective design width should not exceed the 

h - a  tenn between the brackets [0.0015(-)] in Equation 
t 

value of (w-a)". The last 

5.14 would represent the 

effm of the perforation height on the e f f d v e  design width (b), wlde the previous 

tenn (0.58 dw) would represent the effkcts of the perforation width. The last term 

would vanish from the equation for a square w circular perforation (h = a). 

Equation 5.14 was M e r  verified by comparing the predicted ultimate loads 

with the current test results (Chapter Four), and the test results of Loov (1984) and 

Milier and Pekoz (1994). The properties of the experimental specimens for each of 

the saidies indicated above are given in Appendix D. The prediaed and experimental 

ultimate loads (P, and PJ for each study are presented in Tables 5.9 through 5.11. 

The ultirnate loads obtained by the CSA Standard (P,,,) (CS4 1994) using the 

unstiffened stnp approach are presented in the same tables where applicable, 

according to the Standard h t s .  No ultimate loads were given by the AIS1 

Specification (AISI, 1991) for the current cornparison, as the AISI Specification is 

only limited to circular perforations. The ratios between the experimental and the 

predicted ultirnate loads (P, / P, and P, / P,J are given in the Tables 5.9 through 

5.11. The percentage drops in the three compared ultimate loads (P, , P,, , and PJ 

due to the perforation are also presented in the same tables. The percentage drop in 

an ultimate load was calculated as described in Section 5.5.2. 

It can be noticed f?om Tables 5.9 through 5.11 that the predicted ultimate 

loads (PJ are in good agreement with the experimental loads (PJ. The ultimate loads 
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given by the CSA Standard @,J are also in good agreement with the experimental 

loads. However, the loads (P,J could not be obtained for some specimens due to 

the Limits of the CSA Standard. The percentage load drop given by (Pp) was also in 

g d  agreement with the percentage &en by (PJ. The mean values and the standard 

deviations of the ratios (Pt I Pp and Pt / PaJ for each study, and for aii tests, are 

presented in Table 5.12. It can be concluded from Table 5.12 that the proposed 

effective design width equation gives good and d e  predictions of the perforated 

members ultimate loads. Although the CSA Standard procedure also gives good 

predictions of the ultimate loads, the procedure has sorne dimension limitations on the 

perforation width and height. 

5.7 Summary 

The effects of dEerent perforation parameters on the ultimate strength of 

perforated cold-formed steel (CFS) compression members have been discussed in this 

chapter. A finite element study was perfomed on pedorated lipped channel CFS 

rnembers in compression, using the finite element model developed in chapter Four. 

The parameters considered in the study were the slendemess ratio of the perforated 

web plate of the CFS compression member, the perforation width, the perforation 

height, and the yield strength of the CFS matenai. 

The resuhs of the perfomed finite element study included the behaviour of the 

axial stress distribution and the effective design width of the perforated web plate of 
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the CFS compression members. The effective design width of the perforated plate 

was predicted based on the finite element ultimate load results of the compression 

members. The axial compressive stress capacity and the predicted effective design 

width of the perforated web plate were found to decrease significantly with the 

increase of perforation width, the plate slenderness ratio, and the yield strength of the 

material. The perforation height had a simiiar effect on the axial stress capacity and 

the effective design width of the perforated plates with relatively large slendemess 

ratios. One main observation of the study was that a transfer of the axial stresses 

occur fiom the central part of the perforated compression plate to the sides of the 

perforation. This transfer of stresses increased in the case of large slenderness ratio 

of the plate, and s m d  perforation width and height. 

Based on the results of the finite element study, two effective design width 

equations were developed for perforated compression plates with square and 

elongated perforations. The efficiency of the two equations in predicting the ultirnate 

strength of perfiorated CFS compression members was verified through a comparison 

with the ultimate load results of the experimental study of Chapter Four, and other 

experimental studies fiom the literature. The comparison indicated that the proposed 

equations predict accurate ultimate loads for perforated CFS compression members. 



Table 5.1 Overail and cross-sectional dimensions of lipped channe] sections 

Sec 

No. 

1 

2 

3 

4 

5 

6 
r 

7 

Overd 
dimensions 

w' x w; 

x w,' 

- - - -  

Dimensions (mm) a 
Thick- 

ness 

Web Flange Lip (t) 

W Wf Wl (mm) 

87.6 27.3 5.7 2.8 

Slendemess ratios 

' Dimensions of flat portions of the section, excluding rounded corners. 



Table 5.2 Finite elernent ultimate loads for 70 study cases of lipped chamel sections 



216 

Table 5.3 Cornparison between cumnt predicted and experirnental 
u l t h t e  loads, Author (Chapter 4) 

- 
spec. 
No. 

M c -  
ted 

load Pp 

OrN) 

CSA 
load 

P m  
OrN) 

*Isl 1 1 4 1 1. load load 

A-D 0.991 1 No perforation 

N/A 8.8 14.3 N/A 8.2 

N/A 8.8 14.3 NIA 7.3 

A-C 

A-S 

B-D 1.014 1 No perforation 

B-C 

B-S NIA 1 9.2 1 11.6 1 N/A 1 13.6 NIA 
' AIS1 Spe fication is not applicable for this case. 

Table 5.4 Cornparison between predicted and experimental 
ultimate loads, Ortiz-Colberg (198 1) 

Predic- 
ted 

load P, 

OcN) 

CSA 
load 

P m  
O N  

AIS1 
load 

P m  

Test 
load 

Pt 
w 

Spcc. 
No. 

1.005 1 No perforaion 

T 
CSA and AIS1 ions are not applicable for this case. 
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Table 5.5 Comparison between predicted and experhental 
ulthate loads, Banwait (1 987) (Series 1) 

Predic- 
ted 

load P, 

CSA 
load 

P m  
OrN) 

AIS1 
load 

PAIS 

w 

Test 
load 

PL 
O 

0.954 1 No perforation 

NIA 1 15.8 ( NIA ( NIA 

NIA 1 15.8 1 N/A 1 NIA 

Table 5.6 Cornparison between pred 
ultirnate loads, Banwait (1 91 

cted and experimental 
17) (Senes II) 



Table 5.7 Cornparison between predicted and experirnental 
ultimate loads, Rhodes and Schneider (1 994) 

MC- CSA AISI 
ted load load 

IoadP, Pm Pm 
m w o  

Test 
load 

Pt 
m - 
9.38 

Spa. 
No. 

No perforation 

10.6 1 19.4 1 NIA 1 3.7 

8.25 1 7.44 1 NIA 10.6 1 19.4 1 NIA 1 5.3 

No perforation 

II-wcl - 
a-wf 

No perforation 

Table 5.8 Statistics for cornparison between predicted 
and expenmentai ultimate loads ' 

' Excluding non-perforated specimens. 
Non applicable specimens were not considered. 

Study 

Author (Ch. 4) 

OrtU-Colberg (198 1) 
I 

Banwait 1, II (1987) 

Rhodes, et al. (1994) 

All 

I 

Pt/ p, 

0.984 

1.027 

1.010 

1.119 

1.033 

PjP, 

NIA 

0.017 

0.02 1 

0.039 

0.073 

Pt/ pp 

0.018 

0.016 

0.023 

0.039 

0.053 

PjP, 

1.030 

1.071 

1.069 

1.217 

1.101 

P&* 

0.036 

0.030 

0.0 19 

0.033 

0.076b 

PP, 
NIAb 

1.055 

1.049 

1.199 

1.097b 



Table 5.9 Cornparison between current predicted and experimentd 
ultirnate loads, (Chapter 4) 

Predic- 
ted 

load P, 
m 

CSA 
load 

P m  
OrN) - 
129.7 - 
1 1 1.3 

Test 
load 

PL 1 
A-D No perforation 

1 A-O 

1 A-R 

1 B-D 



Table 5.10 Cornparison between predicted and experimental 
ultimate loads, Loov (1984) 

- 
Predic- 

ted 

load P, 
0 

CSA Test 
load load Pt Pt 

--- --- 
PCSA Pt 
@O m PP PCsA 

- - - - 

NIA 77.3 1.076 NIA 

NIA 43.8 1.030 N/A 

46.6 47.8 1.01 1 1.026 

78.4 75.8 0.952 0.967 

16.5 ( NIA 1 10.1 

Calculated with respect to code predicted non-perforated sections. 
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Table 5.1 1 Cornparison between predicted and experirnental 
ultirnate loads, Miller Gd Pekoz (1 994) 

- 
Test 
load 

Pt 

- 
124.5 - 
109.6 - 
112.8 - 
98.5 

- 
Predic- 

ted 

Ioad P, 

m 

CSA 
load 

PcsA 

OrN) - 
109.3 

. -  

No perforation 

No perforation 

No perforation 

No perforation 

' Load is greater than corresponding non-pefiorated specirnen. 

Table 5.12 Statistics for cornparison between predicted 
and experimentai ultimate loads ' 

Meaa 1 Standard Deviation 

Excludiig non-perforated specimens. 
Non applicable specimens were not considered. 
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Figure 5.1 Dimensions of perforated cold-formed steel sections 
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Figure 5.2 Axial stress distributions of non-perforated compression web plates 

Figure 5.3(a) Axial stress distributions of perforated web plates (w/tr3 1.3. h/a=l) 
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Figure 5.3(b) Axial stress distributions of perforated web plates (w/t=3 1.3, h/a=2) 
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Figure 5.3(c) Axial stress distributions of perforated web plates (w/k3 1.3, h/a=3) 



Figure 5.4(a) Axial stress distributions of perforated web plates (wb78.3, h/a=l) 
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Figure 5.4(b) Axial stress distributions of perforated web plates (w1t~78.3. h/a=2) 
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Figure 5.4(c) h i a l  stress distributions of perforated web plates (w/t=78.3, b/a=3) 
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Figure 5.5(a) Axial stress distributions of perforated web plates (wle194.2, h/a=l) 
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Figure W b )  Aual stress distributions of perforated web plates (w/k194.2, h/a=2) 
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Figure 5 .S(c) Axial stress distributions of perforated web plates (w/t=194.2, h/a=3) 
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Figure 5.6 Axiai stress distributions of compression web plates for Merent yield strengths 
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Figure 5.7 Mec tive design width of non-perforated compression web plates 
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Figure 5.8(a) Effective design wid th of perforated web plates (Ma= 1) 
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Figure 5.8(b) Effective design width of perforated web plates (h/a=2) 
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Figure 5.8(c) Enec tive design width of perforated web plates (h/a=3) 
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Figure 5.9 Effective design width of compression web plates with ditferent yield strengths 
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Figure 5.10 Loss in the effective design width of perforated web plates (cornparison to AISI) 
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Figure 5.11 Loss in the effective design width of perforated web plates (h/a=l) 
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Figure 5.12 Loss in the effective design width of perf'orated web plates (h/a=2) 

25 50 75 100 125 150 175 200 
W e b  Slendemess Ratio (wlt) 

Figure 5.13 Loss in the effective design width of perforated web plates (h/a=3) 



CHAITER 6 

SUMMARY AND CONCLUSIONS 

6.1 Introduction 

The research work accompüshed and pfe~ented in this thesis is concemed with 

the local buckling behaviour and the post-local buckling strength of perforated cold- 

formed steel (CFS) members subjected to axial compressive loading. This research 

work was motivated by the need for an appropriate anaiytical technique to predict the 

behaviour and the ultimate strength of CFS compression members. The objective of 

developing design equations for perforated CFS memben in compression was 

achieved initialiy by developing a f i t e  element model for the analysis of CFS 

members. The mode1 was verified by a cornparison with the results of experirnental 

tests, and then used to develop a design procedure for perforated CFS members in 

compression. 

6.2 Summary 

A degenerated isoparametric shell finite element was chosen to model cold- 

formed steel (CFS) sections. The element has nhe mid-surface nodes, and applies the 

Reissner-Mindlin theory where transverse shear deformations are considered and 

assumed constant through the element thickness. The shell finite element was found 

233 
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to lock (give over stiffsolutions) when applied to very thin sheil structures, and shells 

in pure bending. The mahod of "assumed strain fields" was irnplemented in the sheli 

eletnent to eliminate the " m e c s e  shear and membrane locking" problem. A firther 

enhancement o f h t  method was developed in the current study by irnplementing the 

"assumed strain fields" method to both hear and nonlinear tenns of the stiaiess 

matrk of the 9-node shell element. This enhancement was essentid for the large 

defocmation analysis of cold-fonned steel members. The accuracy and the efficiency 

of the new assumed strain shell element was tested with sweral large deformation and 

elasto-plastic bench mark problems for plate and shell structures. 

A total of 41 tende coupons was tested in the current study to detennine the 

changes, caused by the cold fonning operation, in the mechanical properties and the 

stress-strain behaviour of the material at dEerent locations of CFS channel sections. 

The coupons were cut longihidindy from flat parts, corner parts, and near-to-corner 

parts of t h  test sections. Based on the test results, anafyticd models were developed 

for the distribution of the yield strength and the stress-strain relationship across the 

CFS channel sections. 

Four residuai stress tests were performed to measure the longitudinal sudace 

strains dong CFS channel sections using electrical resistance strain gauges. The 

rn*hod of the E I d d  Discharge Machining @DM) was used to perform the cutting 

operation, in order to release the surface strains. Based on the test results, an 

idedked mode1 for the distribution of residual stresses across CFS channet sections 



has been developed. 

A hi te  element modet was devdopcwi to ptedict the behaviwr of cold-formed 

steel (CFS) members subjected to axial compressive loadmg. The rnodel utilized the 

9-node assumed strain shell nnite element, which includes both geometric and material 

non-lineanties. The mode1 was capable of simulating dflerent materiai properties, 

geometric imperfections, and residual stresses. The finite element mode1 was flexible 

enough to accommodate difEerent shapes of perforations within the CFS members. 

A unifonn axial displacement condition, with the help of a displacement control 

algorithm, was applied in the finite element model of CFS members in compression. 

An experimental study, with a series of 20 non-perforated and perforated CFS 

channe1 stubcolumn tests, was p e h e d  to verify the results of the proposed finite 

element rnodel for CFS members in compression. nie tests were also used to 

investigate the efEeas of perforations on the deformation behaviour and the strength 

of CFS members in compression. Finite element models representing the test cases 

of stub-column specirnens were anaiyzed. The defonnation, axial stress, and load 

capacity results of the finite element analysis were compared to that of the stub- 

columns. 

The developed finite element model for cold-formed steel (CFS) compression 

members was used to assess the axial stress distributions of the perforated plates of 

the compression rnembers. The devetoped model was aiso used to establish the share 

of the ultimate load carrieâ out by the perforated plates, and consequently the 
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effective design widths of the perforated plates. The effects of the plate and the 

perforation parameters on the axial stress distribution, and the predicted effective 

design width of the plate, were discussed. The parameters considered were; the plate 

slenderness ratio (w/t), the perforation width-to-plate width ratio (a/w), the 

perforation height-to-perforation width ratio @/a), and the yield strength (5) of the 

CFS compression member. Based on the results of the finite element analysis, two 

&&e design width equations were deve10ped for stiffened compression plates with 

square and elongated perforations. The equations were verified, for CFS members 

in compression, by comparing the predicted ultimate loads fiom the equations with 

the author's test results and several test results Erom the literature. 

6,3 Conclusions 

The following points summarize the main conclusions fkom the study: 

[l] The 9-node degenerated sheU finite element suffers from the "transverse 

shear and membrane locking" problem for thh plate and sheli structures, which can 

be the case for cold-fomed steel (CFS) members. The "assumed strain fields" 

method is an excellent and relatively simple procedure to modw the kinematic 

formulation ofthe 9-node sheli 6nite element for thin shell analysis. The enhancement 

of that method in the current study, by extendhg it for both linear and nonlinear ternis 

of the element stifihess matrix, resulted in a superior sheîi finite element, and a 

complete elimlliation of the "transverse shear and membrane locking" problem. 
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[2] A cold-roll fonning operation dters the Wgin materid properties of the 

steel sheet. The large plastic deformations at and around the comer areas of CFS 

&ons r d t s  in inaeased yield strength (up to 4%) and increased ultimate strength 

(up to 2%) at the corners, accornpanied by a graduai yielding behaviour and a severe 

decrease in the material elongation. The steel grade weld strength of the steel shea) 

$ a main fàctor a@ecting the percentage increase of the yield and ultimate strengths. 

n e  higher the steel grade, the higher the percentage increase in the yield and ultimate 

mgths. On the other hanci, the fonning operation has minor effects on the yield and 

&mate strengths of the flat areas of CFS sections. 

[3] A coId-roll forming operation results in the generation of residual stresses 

at both corner and flat areas of CFS sections. Longitudinal residual stresses up to 

-/2% and 3% of the yield strength were measured at the corner areas and at the flat 

arêâq respectively, in the fom of residual strains. The longitudinal residual stresses 

t&e the fonn of tende stresses on the outside surfaces of CFS sections, and equal 

stresses on the inside mfkes of the sections. Minor transverse residual 

~wesses (less than 1% of the yield strength) were measured at the fiat areas of the 

sgctions. 

[4] Analytical models were developed for the mechanical material properties 

aGross CFS channel sections. A channel section was assumed to be divided into a 

corner zone and a fiat zone. The corner mne included ali the four curved areas of the 

@on, two equivalent flat areas on both sides of each curved axa, and the two lips 



of the section. The flat zone included the rest of the flat a r a  of the web and the 

flanges ofthe section. A non-uniforrn distniution model was dweloped for the yield 

strength (F,), based on Karren's model (1967) and the measured flat yield strength 

(5) of the CFS section, as follows: 

where, 

If the measured yield strength (5) of the seztion is not avaiiable, the minimum 

specified yield strength (FyId can be used instead. A multi-linear elasto-plastic stress- 

strain relationship was aiso developed, with a bi-linear stress-strain representation of 

the graduai yielding of the CFS material, and a linear representation of the strain 

hardening range. 

[SI A non-unifonn distribution mode1 was developed for the longitudinal 

residual stress (FJ across CFS channel sections. The residual stress distribution 

considered tensile stresses on the outside surface, equal compressive stresses on the 

inside surface, and a hear variation through the CFS material thickness. The non- 

uniform distribution is presented as follows: 
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where (w') is the overall web width and (r) is the inside corner bending radius of the 

charme1 seaion Ifthe measurpd yield strerigth (Fy) of the section is not available, the 

minimum specified value (F,JaPii can be used. The use of the mechanid properties 

and the residual stress models in the finite element analysis of CFS members assists 

in obtaining the tme deformation and the axial stress behaviour of such members. 

[6] The failure of CFS rmb-column specimens is usudiy Uiitiated by local 

buckling of the web plate. The web of the channef-shaped specimens buckled in a 

series of longitudinal waves, with a half-wave length value between the web width and 

the fiange width. Perforated CFS steel stub-column specimens had lower axial 

StifEness, buckling loads, and ultimate loads than the non-perforated specimens. The 

axial stf iess and the ultimate load were found to decrease with the increase of the 

perforation width or height. However, a simiiar effect on the buckling load could not 

be identified fiom the experimental study. 

[7] A finite element model was developed for perforated CFS members under 

axial compression. The model gave good predictions for the deformation and the 

axial stress behaviour of such mernbers. The model was capable of capturing the 

stress concentrations adjacent to the perforation pnor to local buckiiig. The model 

was also capable of predicting the large lateral displacements and the transfer of 

stresses fiom the centre of the web plate to its edges in the post-local buckling range. 

[8] The aiciai compressive load capacity of non-perfiorated and perforated web 

plates of CFS compression members decrease significantly with the increase of the 
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plate stendemess ratio (wlt). Larger ratios of the perforation width-to-web width 

(dw), and the perforation height-to-perforation width @/a), result in a reduction in 

the stress continuity and less interaction of the plate elernents around the perforation, 

and consequently a reduction in the axial stress capacity of the plate. Penorations 

with smaii (dw) ratios (up to 0.2) have stight effects on the effective design width and 

the axial stress capacity of plates with large (wk) ratios Oarger than 100). since the 

central part of a slender plate is usudy not effective in supporthg axial stresses. 

[9] The predictions of the current effective design width approach for 

compression plates with circular penorations (provided by the Arnerîcan Cold- 

Formed LRFD Specincation, AISI 1991) are highly conservative, and have a 

discontinuity at the local buckling slendemess lirnit (w/tk. The approach is also 

limited to (w/t) ratio not greater than 70, and (dw) ratio not greater than 0.5. 

[IO] The following two equations are proposed to evaluate the effective 

design width (b) of stiffened plates under uniforni compression, and h a h g  central 

square or elongated perforations, respectively: 

h-a b = 0.95 t dF 11 - 0.208 - 0~0015 (-11 
W t 
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The proposed equations cowr a (wh) ratio up to 194, (dw) ratio up to 0.6, and @da) 

ratio up to 3 .O. These limits wver the practical limits of perforated web plates of CFS 

mernbers. The proposed equations give accurate and safe predictions of the effective 

design width and the dtimate load of perforated CFS mernbers in compression, when 

compared to the test results of the present study and several test results fiom the 

iiterature. 

6.4 Recommendations for Future Research 

The following recommendations may be considered in a future research 

involving tests and analysis of perforated cold-fonned steel (CFS) members: 

[l] The tensile coupon tests and the residual stress tests of CFS sections, 

performed in the present study, were lVnited to channel sections with small rounded 

corners. Similar tests may be conducted to investigate the effects of the forming 

operation on the material properties of other shapes of CFS sections, and channel 

sections with larger rounded corners. 

[2] The effects of perforations on the aiticai buckling stress and the buckling 

load of perforated CFS compression memben need firther investigation. Both the 

perforation width and height were found to affect the buckling load of CFS 

compression members. 

[3] Perforated CFS compression mernbers, with non central perforations and 

multiple transverse perforations in both the web and flange plates, may be considered 
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for a f i t e  element analysis similar to the present study. Such members are common 

nowadays, specidly for rack structures. 

[4] The assumed strain shell finite element and the CFS material models, 

presented in this study, may be used to constnict finite element models for CFS 

mernbers under loadmg conditions other than axial compression. Loading conditions 

such as; compression and bendi% web bearuig, and compression and web bearhg, 

may be considered for CFS members. 
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INTERPOLATION FWNCTIONS FOR THE 9-NODE SHELL ELEMENT 

The generd fonn of the rnid-surface interpolation fùnctions for the 9-node 

shell finite element, at a node (k), can be writîen as foiiows: 

Based on Equation A 1, the nodal interpolation functions in the natural coordinate 

system can be listed as foiiows: 

Nodal point value q value 
Interpolation 

fùnction (N) 



APPENDlX 8 

TRANSFORMATION MATRICES BET7lrEEN 

DIFF'ERENT COORDINATE SYSTEMS 

The Transformation between L o d  and Globai Coordinate Systems 

The transfoCrnafion between the local Cartesian coordinate system (x', y', 2') 

and the global Cartesian coordinate system (x, y, z) can be established through the 

rnatrix of direction cosines [O] between the local and global axes at a particular point 

in the element. The matrix [O] is defined as: 

where O,) through (n,) are the direction cosines of the (x', y', z') coordinate axes 

measured in the (x, y, z) coordinate directions. If the strain vector (e) is defined as: 

then (e) can be transformed fkom the global to the local coordinate systems as 

foltows: 

25 1 



where the transformation matrix [Tl can be evaluated as: 

[Tl = 

However. if the strain vector (f?) is denned using the engineering strains, Le. : 

' T = [ ~ n ~ r r % ~ x y ~ F ~ a l  T (B .9  

then the transformation rnatrix [Tl in Equation B.3 should be replaced by the matrix 

[T'], where: 

If FI = 

The transformation matrices for the inverse transformation of Equation B. 3, 

from thr? local to the global coorâiiate system, can be easily established by knowing 

the following facts: 



where m1 and [T']" are the inverse matrices of the transformation matrices [Tl and 

[T '1, respectiveiy . 

The transfomation of the strain-displacement matrix IB) between the local 

and the global Cartesian coordinate systems follows identicdy the sarne rules as the 

tradormation of the strain vector (e). However, as the matrix [BI is usuaiiy defined 

with respect to the engineering strains, the transformation rnatrix [T'] and its inverse 

matrix [T p]-l are usuaily used to obtain the required transformations. 

The Transformation betueen naturai and Global Coordinate Systems 

The transformaiion ofthe strains fiom the global Cartesian coordinate system 

(x, y, z) to the natural coordinate system (E,q,C) can be established through the 

foliowing tensonai relationship: 

where (Gd and (&) are the strain tenson in the giobai Cartesian and natural 

coordinate systems, respectively. The derivative operator (&r, / û Q  represents the 

Jacoban which relates the derivatives in the naturd coordinate system to the 
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derivatives in the globd Cartesian coordinate system. Therefore, the Jacobian matrix 

[JI is defined as: 

* ay az ---  
ari ail aci 

Ushg the expression of the Jacoban matrk [a, the tensoriai relationship in Equation 

B.8 can be written in a matrix form as foiiows: 

where the transformation matrix [TT] can be evaluated as: 

If the engineering strains are defined, as in Equation B. 5, the transformation rnatrix 

[TT] in Equation B. 10 should be replaced by the matrut [TJ'], where: 



The inverse tmufiofmafion in Equation B. 8 should be estab lished through the 

inverse derivative operator (ûei / ûx,.), which represents the inverse Jacobian matrix 

[JI". An inverse transfomation mat& [TV1 can be consmictd by replacing the 

tams of the mathv M, in Equation B. 11, by the corresponding terms of the inverse 

Jacobian rnatrix [VI. A h ,  an inverse transformation matrix [TJ'~' for the 

transformation of the engineering strains c m  be constmcted nom the matrix [TJI-' 

using similar relationship to that in Equation B. 12. 

The transfodon of the strain-àisplacement matrix [BI between the nahiral 

and the global Cartesian coordinate systems foiiows identicdy the same rules of the 

transformation of the strain vector ((2). However, as the matrix [BI is usuaily defined 

with respect to the engineering strains, the transformation mat& [TJ'] and its inverse 

matrix [TJ'T' are usudy used to obtain the requued transformations. 



The equilibnum equations of a discrete non-linear finite element system are 

generally expressed as a syaem of (n) sirnultaneous nonhear equations in ternis of 

(n+ 1) unknowns, [i. e., (n) components of the displacement vector (u) and a loading 

intensity (A)]. The general equiiibrium equation is: 

where (TC u) is the intemal force vector which is a non-linear fùnction of (u), and (F) 

is a constant reference load vector. In the unified constraint algorithm, Equation C. 1 

is solved for (n+l) unknowns by introducing an additional constraint equation in the 

form of 

n 

p, ( ut" - uF1 )2 + orni a2 ( Lm - 1-1 )2 = C (C.2) 
k -  1 

where (Pis) (k = 1, 2, . . ., n+l) are the algorithm control parameters, the quantities 

with superscript (m) correspond to the converged solution at the current (m) solution 

step, (a) is a load coefficient used to nonnalize the dimension of load to that of 

displacement, and (c) is the prescribed increment value between the (m) and the ( m l )  
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solution steps. The control parameters (Pis) lead to the required control technique 

as follows: 

1) Bk = O (k = 1 to n) and p,, = 1 - ieads to a load control algorithm. 

2) pk = 1 and pi = O (i * k) - leads to a displacement control algorithm. 

3) AU pis # O - leads to an arc-length control algorithm. 

According to the Newton-Raphson itemtion technique, the iinearization of Equations 

C. 1 and C.2 with respect to the displacement vector (u) and the intensity (A) about 

the previous solution (@", Aim) leads to the linearized equiiibrium and constraint 

equation as foiiows: 

where @(fi] is the tangent &ess about the known displacement vector (ui3, and 

the unbdanced force vector is ~ ( u ' ~ )  = [KI (u'3 - Ai" (F). The residual of the 

constraint equation is: 
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Note that the superscript (m) refers to the aiment solution step, and the superscript 

(i) refèrs to the previous iteration just completed. The superscript (-) replaces (i) to 

refer to a converged solution of the step. Equation C.3 is solved for (A&", A A*) 

in order to update the solution, i.e.: 



APPENDIX D 

PROPERTES OF THE EXPERIlMENTAL SPECIMENS 

OF DWFEXENT STUTIIES 

For aii the cold-fonned steel channel section specimens of the experimentaî 

studies presented below, the dimensions shown are the dimensions of the flat portions 

ofthe d o n ,  excluding the rounded corners. The flange and the iip plates o f d  the 

specimens are fuliy efféctive, uniess otheMlise indicated. 

The Propertics of the Experimental Specimcns for the Cornparison in 

Section 5.5.3 (Square or Circular Pcdoration) 

Table D. 1 Properties of current experimental specimens, (Chapter 4) 

Spec. 

No. 

A-D 

B-D 

Web 

(4 

Dimensions (mm) ( Ratios 
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Table D.2 Properties of experirnentai specimens, Ortiz-Coiberg (198 1) 

Ratios 

No. web 
(w) 

1-1,2 81.4 

L3,9 81.4 

Table D.3 Properiies of experimental specirnens, Banwait (1987) (Series 1) 

1 1 Dimensions (mm) 1 Pen. Ratios 

Lip 

(w3 



Table D.4 Properties of experimental specimens, Banwait (1987) (Series Ii) 

1 1 Dimensions (mm) Ratios 
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Table D.5 Properties of experimental specimens, Rhodes and Schneider (1994) 

' Flanges of aii specimens are not fuiiy effective - sections with no lips. 

The Properties of the Experirnental Specimens for the Cornparison in 
Section 5.6 (Elongated Perforation) 

Table D.6 Properties of current experimental specimens, (Chapter 4) 

Spec. 
No. 

A-D 

A-0,R 

B-D 

B-0,R 

Dimensions (mm) 

Web 

(w) 

191.7 

191.7 

93.9 

93.9 

Perforation 
FY 

w a )  

385 

385 

319 

319 

a 

(mm) 

0.0 

63.5 

0.0 

38.1 

Thick. 

0) 
1.88 

1.88 

1.27 

1.27 

FI. 

(w3 
30.3 

30.3 

34.0 

34.0 

h 

(mm) 

0.0 

114.3 

0.0 

101.6 

Lip 
(w3 

7.4 

7.4 

9.4 

9.4 

Ratios 
L 

wlt 

102.0 

102.0 

73.9 

73.9 

dw 

0.0 

0.33 

0.0 

0.41 

h/a 

0.0 

1.8 

0.0 

2.7 



Table D. 7 Properties of experirnental specimens, Loov (1 984) ' 

-- 

Dimensions (mm) perforation 1 1 Ratios 
Spa .  
No. 

' No reference non-perforated specimens for ail tests. 



Table D.8 Properties of experimental specirnens, MiUa and Pekoz (1994) 

hensions (mm) 

TpJZr  
Ratios 

Spec. 
No. Web 

' Flanges of specimens with H . 8 9  mm are not fuliy effective. 
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